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The following projects are well suited for Thesis or Non-Thesis Master’s students. All 
projects will be carried out at the National Research Council Canada (NRC), Aerospace 
Manufacturing Technology Centre (AMTC), Montreal. At the NRC, the student will be 
interacting with leading researchers and be exposed to industrial applications/partners. 
Interested students should contact Prof. Helmi Attia, Department of Mechanical 
Engineering (helmi.attia@mcgill.ca) for further discussion of the details of the project. 

1- CFD modelling of cryogenic machining of aerospace materials 

This project will be carried out in collaboration with Pratt & Whitney Canada and Seco 
Tools (Sweden). Following the successful completion of a 2-year project on cryogenic 
machining (turning) of Ti- and Ni-based alloys, this project will focus on CFD modelling of 
the drilling process of one of these materials. The objective is to examine the thermofluid 
behavior of the flow and the effect of process parameters (e.g., pressure, flow rate, aspect 
ratio of the drilled hole) on the evaporation process (fluid void fraction), turbulence and the 
reduction of the tool-workpiece temperature.  

Experimental validation of the model will be carried out at Seco Tools laboratory in 
Sweden, using cryogenic CO2, as a cutting/cooling fluid. The project will provide financial 
support and full coverage of the travel and accommodation in Sweden.  

This scope of the project will be adjusted for non-thesis or thesis master degree.    

2- Thermal modelling/simulation of the drilling of composites  

This project is a continuation of the extensive work that has been carried out at McGill and 
the NRC-AMTC. In the first phase of this work, a mechanistic model for vibration-assisted 
drilling was developed and experimentally validated, using the NRC unique facilities to 
predict delamination damage. 

In this project, a numerical thermal model will be developed and experimentally validated. 
The model will be integrated with the mechanistic model to consider the thermo-
mechanical interaction of the process. The terminal objective of this work is to optimize 
the drilling process to avoid thermal and mechanical damage of the part, while achieving 
the maximum material removal rate. 

The student will be working at the NRC laboratory in Montreal, interacting with leading 
researchers and exposed to industrial applications. 

3- Experimental determination of coefficient of heat transfer in cryogenic machining 

For the design and optimization of machining processes, there is a need to model the 
thermal aspect of the process using Finite Element Method. This requires defining the 
thermal boundary conditions and the distribution of the coefficient of heat transfer at the 
surface of the tool or workpiece when cryogenic or MQL (minimum quantity lubrication) jet 
is applied. The project will be a continuation of the first phase of this work that has been 
completed at the NRC. The modelling and experimental validation will be carried out the 
NRC laboratory and in collaboration with an international industrial partner.  



4- Laser polishing of aerospace materials 

The emerging technology of additive manufacturing (AM) cannot achieve the dimensional 
accuracy and surface finish requirements of aerospace components. Therefore, finish 
machining is required after the AM process. The objective of this experimental 
investigation is to develop the machining strategy for laser polishing that minimizes part 
distortion. This hybrid additive-subtractive process will be carried out at the NRC 
laboratory. 
 

Attached are some sample publications that are related to these topics. 
 



Bin Shi
Aerospace Manufacturing

Technology Centre (AMTC),

National Research Council Canada (NRC),

5145 Avenue Decelles,

Montreal, QC H3T 2B2, Canada

e-mail: Bin.Shi@cnrc-nrc.gc.ca

Ahmed Elsayed
Department of Mechanical Engineering,

McGill University,

817 Sherbrooke Street West,

Montreal, QC H3A 2K6, Canada

e-mail: Ahmed.Korashy@mail.mcgill.ca

Ahmed Damir
Aerospace Manufacturing

Technology Centre (AMTC),

National Research Council Canada (NRC),

5145 Avenue Decelles,

Montreal, QC H3T 2B2, Canada

e-mail: Ahmed.Damir@cnrc-nrc.gc.ca

Helmi Attia1

Aerospace Manufacturing Technology Centre

(AMTC),

National Research Council Canada (NRC),

5145 Avenue Decelles,

Montreal, QC H3T 2B2, Canada;

Department of Mechanical Engineering,

McGill University,

817 Sherbrooke Street West,

Montreal, QC H3A 2K6, Canada

e-mails: Helmi.Attia@ cnrc-nrc.gc.ca;

Helmi.Attia@mcgill.ca

Rachid M’Saoubi
Materials and Technology Development,

Seco Tools AB,

Springfield Business Park,

Alcester B49 6PU, Warwickshire, UK

e-mail: Rachid.Msaoubi@secotools.com

A Hybrid Modeling Approach for
Characterization and Simulation
of Cryogenic Machining of
Ti–6Al–4V Alloy
A hybrid modeling approach based on computational fluid dynamics (CFD) and finite
element method (FEM) is presented to simulate and study cryogenic machining (CM) of
Ti–6Al–4V alloy. CFD analysis was carried out to study the characteristics of the fluid
flow and heat transfer process of liquid nitrogen (LN2) jet used as a coolant in turning
operation. The velocity, turbulence, gas volume fraction, and temperature of the impinge-
ment jet were investigated. Based on the analysis results, the coefficient of heat transfer
(CHT) between the LN2 and cutting tool/insert was obtained and used in the FEM analy-
sis to model the heat transfer process between the LN2 and the tool/chip/workpiece. A
three-dimensional (3D) finite element (FE) model was developed to simulate a real CM
operation. CM tests were carried out to validate the 3D FE model by comparing cutting
forces and chip temperature. To evaluate LN2 cooling effect on tool temperature and tool
wear, a two-dimensional (2D) FE model was developed for steady-state thermal analysis
of cryogenic and dry machining. Based on the predicted temperatures, the tool wear was
estimated, showing that LN2 cooling can significantly improve tool life.
[DOI: 10.1115/1.4042307]

Keywords: cryogenic machining, tool life, computational fluid dynamics (CFD), finite
element method (FEM)

1 Introduction

Cryogenic machining (CM) is a promising technology that
gained wide spread due to its environmental and economic bene-
fits. It has emerged as a sustainable process, offering new opportu-
nities for producing functionally superior products [1]. The most
commonly used cryogens in machining are nitrogen (N2) and car-
bon dioxide (CO2). Nitrogen is abundant in nature, which consti-
tutes 79% of air [2]. Also, it is lighter than air and disperses into air
after application, which reduces postmachining cleaning and dis-
posal. In addition, it is clean, nontoxic, unharmful to the operator
health [3], and has no environmental contamination issues, which
makes it the most widely employed in cryogenic machining.

The effect of cryogenic cooling on machining performance,
such as cutting forces, cutting temperatures, tool wear, friction,
and surface integrity has been extensively studied for various
work materials. Many of the published work focused on hard-to-
cut materials due to severe tool wear, such as Ti–6Al–4V. The
low thermal conductivity of Ti–6Al–4V results in that the major-
ity of the heat generated during the cutting process is transferred

to the cutting tool edge, rake, and flank faces rather than to the
chips or the workpiece. It has been reported that 80% of the cut-
ting heat dissipated to the tool when cutting titanium alloys, as
compared to 50% when cutting steel [4]. This leads to a very high
temperature at tool–chip–workpiece interfaces, which creates a
high chemical reactivity and adhesion with the tool materials.
This significantly affects the tool performance leading to rapid
tool wear. Klocke et al. [5] have reported that the use of liquid
nitrogen (LN2) has a significant positive effect on the tool life
when machining of Ti–6Al–4V, as compared to conventional
cooling. Venugopal et al. [6] reported that the major tool wear
mechanisms in turning of Ti–6Al–4V alloy with uncoated carbide
are adhesion–dissolution–diffusion wear at the crater along with
abrasive and chemical attrition wear at the flank surface. It was
found that cryogenic machining offered almost a 100% increase
in tool life. In term of the effect cryogenic cooling on cutting
forces, two opposite conclusions were reported in the literature.
Hong et al. [7] reported that, during the machining of Ti–6Al–4V
alloy with uncoated carbide inserts, cryogenic cooling produced
higher cutting forces compared to dry machining, due to the
increase of the workpiece hardness/strength at low temperature.
Dhananchezian et al. [8] also reported that the application of liq-
uid nitrogen on the rake face in the machining of titanium alloys
increased the cutting forces by 10–15%. On the other hand,
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studies carried out by Bermingham et al. [9], Ke et al. [10], and
Strano et al. [11] showed that the cutting forces during cryogenic
machining of Ti–6Al–4V were reduced, compared to dry
machining.

To clarify contradictory findings, and to optimize the CM pro-
cess, a reliable model is needed. This model should account for the
effects and interactions of the cryogenic jet parameters and the cut-
ting conditions. In this study, a hybrid approach based on computa-
tional fluid dynamics (CFD) and finite element method (FEM)
analyses is presented to simulate cryogenic machining of
Ti–6Al–4V alloy. The CFD analysis is used to characterize the fluid
flow and heat transfer process of LN2 jet and to determine the coef-
ficient of heat transfer (CHT) between the LN2 and cutting tool/
insert. The latter is used in a finite element (FE) model to define the
thermal boundary condition on the exposed surfaces on the tool,
chip, and workpiece in the cutting region. A three-dimensional
(3D) FE model was developed to simulate the cryogenic machining
process. It was validated by comparing cutting forces and chip tem-
perature with experimental measurements. A two-dimensional (2D)
FE model was also developed for steady-state thermal analysis of
cryogenic and dry machining, in order to evaluate the LN2 cooling
effect on tool temperature and tool wear.

2 Basic Governing Equations in Computational Fluid

Dynamics Analysis

Jet flow in cryogenic machining has typically turbulence fea-
tures, which greatly affects the heat and mass transfer rates. The
turbulent flow is governed by the conservation equations of mass,
momentum, and energy. The solution of these equations provides
the spatial distributions of the flow velocity u, pressure p, and
temperature T. The general form of the mass conservation equa-
tion is given by [12]

@q
@t
þ @

@xi
quið Þ ¼ 0 (1)

where q is the fluid mass density, and ui is the velocity compo-
nent, which can be decomposed into the mean (time-averaged) ui

and fluctuating components u0i (i ¼ 1; 2; 3)

ui ¼ ui þ u0i (2)

For cryogenic machining, the q of the fluid is considered as a con-
stant, thus, Eq. (1) is simplified as
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where the stress tensor rij due to molecular viscosity and the
subgrid-scale stress sij are defined by [12]
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where l is the turbulent viscosity, and dij is the Kronecker delta.
The heat transfer process is governed by the energy conserva-

tion equation
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where cp is the specific heat of fluid; Pr is the Prandtl number,
which is the ratio of fluid thermal diffusivity over fluid viscosity.

Equations (3) and (4) are time-averaged equations of motion
for fluid flow, namely Reynolds-averaged Navier–Stokes equa-
tions, which are widely used to describe continuous flow in CFD
analysis. These governing nonlinear partial differential equations
are coupled, and hence are very difficult to solve analytically.
However, numerical solutions can be obtained using CFD method.
Knowing the velocity vector at each point in the flow region, the
streamlines representing the paths traced out by massless particles
moving with the flow (and tangent to the velocity vector field) can
be visualized, as shown in Sec. 3. The streamline passes through
the stagnation point, where the velocity magnitude is zero, divides
the flow without deflection. At this stagnation point of an imping-
ing jet, the pressure attains its highest value in the flow field, and
the zone around it is characterized by an extremely thin thermal
boundary layer, which results in a very large local heat transfer
coefficient. However, this thin thermal boundary layer also sensi-
tizes the cooling efficiency to geometric features of the target sur-
face, i.e., the tool insert. To simulate the effects of turbulence, the
turbulence kinetic energy (TKE) model is commonly used [13]. It
is a measure of the mean kinetic energy per unit mass associated
with eddies in turbulent flow and is characterized by the mean-
square velocity fluctuations. The void fraction, which is the frac-
tion of the flow cross-sectional area occupied by the Ni gas phase,
has been determined in the two-phase flow region using multi-
phase cavitation modeling approach. A basic two-phase cavitation
model consists of using the standard viscous flow equations gov-
erning the transport of mixture or phases, and a conventional tur-
bulence model [12].

In the FE simulation of the CM process, the heat transfer
between the LN2 and the hot cutting insert is presented by bound-
ary condition h, which is the CHT, expressed by the following
equation:

h ¼ q=DT (8)

where q is the heat flux w/m2, and DT is the temperature differ-
ence between the hot surface temperature Ts and the fluid bulk
(LN2) temperature T0, which is DT ¼ Ts � T0. The heat flux is
calculated by q ¼ k � dT=dx, where, k is the thermal conductivity
of the hot target in w/mK and dT=dx is the temperature gradient
inside the hot target.

3 Characterization of Jet Impingement Using

Computational Fluid Dynamics Analysis

3.1 Computational Fluid Dynamics Model Description. An
overview of the CFD model representing the operation is shown
in Fig. 1. The characterization of the jet was performed in terms
of the jet velocity, turbulence, evaporation of LN2, as well as the
thermal aspect of the cooling process defined by the temperature
fields, temperature gradients, and CHT. A 2D axisymmetric model
is used to simulate the cooling process, in which LN2 jet, consid-
ered as the primary phase, is supplied from a nozzle of diameter D
into the cutting area until it hits a hot target that represents the
tool as shown in Fig. 1(b). The model is based on solving the gov-
erning equations of the thermal-hydraulic problem, described in
Sec. 2, by including the heat transfer between the fluid (LN2) and
the hot target (tool). The LN2 jet conditions at the nozzle inlet
(i.e., the inputs of the CFD analysis) were determined through a
prior CFD analysis of the LN2 jet from the delivery tank up to the
nozzle. The model assumes that the environment initially contains
gas nitrogen (the secondary phase) since 79% of the atmosphere is
nitrogen [2]. Table 1 lists the different parameters used in the
model. A pressure-based transient analysis was carried out using
ANSYS FLUENT [12]. In the analysis, the k-epsilon model with
standard wall functions was applied to simulate the interaction
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between the flow and the wall, which has been most widely used
in industrial flows [12].

3.2 Computational Fluid Dynamics Analysis Results.
Figure 2(a) shows the simulation results of the velocity streamline
of the LN2 jet in the fluid domain, which extends from the nozzle
outlet with a velocity of 20 m/s till it reaches the hot target (tool).
Then the LN2 jet decelerates and loses its axial velocity while it
deflects along the target wall and the velocity reduces to 10–17 m/s.
A high static pressure, as shown in Fig. 2(c), is built due to the
creation of a stagnation region at the contact between the jet and
the target. The emerging jet from the nozzle, far away from the
impingement surface, behaves as a free jet with the maximum
velocity in the free jet core and decrease in the magnitude along
the jet sides. This is demonstrated that the developed flow has the
general features of an impinging jet [1]. Simulation results of the
turbulence kinetic energy of LN2 jet is also shown in Fig. 2(b). It
can be seen that unfavorable turbulence along the edges of the
main jet leads to accelerated evaporation of LN2 (zone 1). This is
mainly due to the circulation of flow and eddies formed at the
edges of the main jet that was represented in the velocity stream-
line. On the other hand, favorable turbulence (zone 2) was found
along the target wall. This leads to an increase in the heat transfer
between the target and the LN2 jet along the target wall, which
can play a crucial role in decreasing the cutting temperature of the
tool.

The predicted temperature fields around the LN2 jet and at the
target, as well as the corresponding liquid volume fraction of the jet

are shown in Figs. 3(a) and 3(b). It is evident that the LN2 jet cre-
ates a cold region within the surrounding gas environment, with the
coldest temperature corresponding to core jet. Once the LN2 jet
hits the hot target, the temperature decreases with a steep tempera-
ture gradient within few millimeters inside the target. This can be
demonstrated by the predicted temperature curve within the hot tar-
get as shown in Fig. 3(c). The surface temperature of the target is
minimum at centerline of the LN2, which corresponds to the maxi-
mum heat transfer between the jet and the tool (the stagnation
point). It was also found by examining the liquid volume fraction
of the jet, where more liquid nitrogen is sustained in the jet core. At
the jet edges, LN2 evaporates into gas and can be considered as a
submerged impinging jet, where the jet fluid is similar to the ambi-
ent fluid. As the distance between the nozzle and target increases,
less liquid fraction of the LN2 jet is reaching the target.

The CFD analysis showed that the CHT along the target wall
ranged from 2.4� 104 to 5� 104 W/m2K. This is in agreement
with the values reported in Refs. [14] and [15]. As expected, the
CHT had a maximum value at center of the jet, and decreases
while moving away from the jet center along the target wall
(increase of r/D).

4 Three-Dimensional Finite Element Simulation of the

Cryogenic Machining and Experimental Validation

4.1 Description of the Three-Dimensional Finite Element
Model. A 3D FE model was developed to simulate cryogenic
machining and the transient heat transfer process, using Deform-

Fig. 1 Overview of (a) the turning operation model with external supply of LN2 and
(b) the simplified 2D model of the LN2 jet and the hot target/tool

Table 1 CFD model parameters

Parameters Value

Inlet phase LN2 (no gas) at 76 K (�196 �C)
LN2 flow rate at inlet 1 l/min
LN2 jet velocity at inlet, Vinlet 20 m/s (uniform)
Saturation temperature at 1 bar 77 K
Nozzle diameter, D 1 mm
Nozzle-target (WP) spacing, S 20 mm
Distance from the intersection of jet centerline along the target wall, r 40 X D (nozzle diameter)
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Fig. 2 CFD simulation results for (a) velocity streamline, (b) TKE, and (c) pressure at the stagnation
point

Fig. 3 CFD simulation results for (a) temperature field, (b) liquid fraction, and (c) temperature distri-
bution in the target
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3D FEM package [16]. The model duplicates the real cutting
experiment presented in Sec. 4.2, as shown in Fig. 4. The work-
piece material is Ti–6Al–4V. A Sandvik carbide insert (CNGP
120408) with chemical vapor deposition coating was used in the
simulation. Its 3D geometry was provided by Sandvik. The corner
radius is 0.79 mm, and the cutting edge is assumed to be sharp in
the simulation. The tool holder provides a negative rake angle of
�6 deg. The thermal conductivity and heat capacity of the insert
are 59 W/(m K) and 1.5� 107 J/(m3 K), respectively. The cutting
parameters used in the simulation are, cutting speed V¼ 120 m/
min, depth of cut ap¼ 0.6 mm, and feed rate f¼ 0.2 mm/rev. A
LN2 nozzle is placed in front of the tool pointing to the tool tip, as
shown in Fig. 4. In this simulation, a heat exchange window hav-
ing a cylindrical shape was used to model the heat transfer process
between the LN2 jet, the insert, the workpiece, and the chip. In
the cutting tests discussed in Sec. 4.2, the diameter of the nozzle
is 1.0 mm. When it reached the insert and workpiece, the covering
range of the LN2 jet on the tool/workpiece was estimated to be
around 8.0 mm in diameter, which was used as the diameter of the
heat exchange window shown in Fig. 4. Based on the CFD analy-
sis results given in Sec. 3, the average temperature of the LN2 jet
is �196 �C (76 K). This temperature was used to define the tem-
perature inside the window in order to simulate the LN2 media.
Only the objects within the cylindrical window have heat
exchange with the LN2. The average value of the heat transfer
coefficient between the LN2 and the insert/workpiece is obtained
from the CFD analysis, h¼ 3.2� 104 W/m2K. Outside of the win-
dow, the heat transfer coefficient is set as 20 W/m2K to simulate
free air convection. The Coulomb friction model [17,18] was used
in the 3D FE model. The coefficient of friction at the tool–chip
interface was calculated using the machining forces that were
measured in the cutting test (Sec. 4.3). The value of the frictional
coefficient is 0.28, which is close to that reported in the literature
[1] for cryogenic machining of Ti–6Al–4V. The temperature-
dependence of the thermal properties of the workpiece material
that is provided in DEFORM database was accounted for in this
analysis.

The material constitutive law should be carefully considered in
modeling of CM, because the temperature level is lower than
room temperature T0. In this case, the commonly used

Johnson–Cook material model [19] is no longer applicable. As
shown in Eq. (9), when (T� T0) <0 and m< 1, the term
ðT � T0=Tmelt � T0Þm becomes invalid

r ¼ Aþ Benð Þ 1þ C ln _e
_e0

 !
1� T � T0

Tmelt � T0

� �m
" #

(9)

where r, e, _e , and T are the material effective stress, effective
strain, effective strain rate, and temperature, respectively; A, B, n,
C, and m are the material constants; _e 0 is the reference strain rate,
T0 and Tmelt are room and melting temperatures, respectively. In
this study, a new material constitutive law for Ti–6Al–4V is pro-
posed for simulation of CM. It is given in Eq. (10), referred as
Voce power law. In this material model, the temperature unit is in
Kelvin. This ensures that the term T/T0 is always a positive number

r ¼ a� beðceÞð Þ _e
_e 0

 !d
T

T0

� �v

(10)

where _e 0 ¼10�3 s�1 and T0¼ 293 K. These material constants
were identified using the methodology proposed by Shi et al.
[20–22], which are a¼ 1705.2 MPa, b¼ 837.6 MPa, c¼�1.92,
d¼ 0.0048, and v¼�0.86.

4.2 Experimental Setup. Turning tests were performed to
validate the 3D FE model of LN2 cooling in machining of
Ti–6Al–4V and to evaluate the machining performance of cryo-
genic cooling technology. The machining tests were performed on
a six-axis Boehringer NG200 CNC turning center. Figure 5 shows
(a) the setup used in the turning tests with the cryogenic jet deliv-
ered externally to the cutting edge and (b) a view of the infrared
temperature measurement during the operation. The turning test
was performed at speed 120 m/min with feed 0.2 mm/min and
radial depth of cut 0.6 mm, and repeated twice. A Sandvik insert
CNGP 120408 and the tool holder DCLNL 2525M12 were used.
The cutting forces were measured using a three-component Kistler
9121 dynamometer. Thermovision A20 IR camera was used to
measure the temperature field near the cutting zone during cryo-
genic machining tests. An emissivity study was carried out to
determine the emissivity of the workpiece and the insert material
for accurate temperature measurement. The emissivity of the
workpiece material was 0.396 for the tested range of temperature.
ICEFLY-200 cryogenic machining system was used to supply the
LN2 to the cutting zone at a flow rate of 1 ml/min using an exter-
nal nozzle with a 1.0 mm diameter. Vacuum jacketed hose was
used to ensure the insulation of LN2 to avoid any evaporation
prior to the cryogenic delivery, which can affect the jet efficiency.

4.3 Comparison of the Finite Element Method Results
With Experimental Measurements. Figure 6 shows the pre-
dicted temperature fields on (a) the insert and (b) workpiece/chip.

Fig. 4 Description of 3D FE model for CM

Fig. 5 (a) Turning setup and (b) IR temperature measurement
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The high temperature region is located at the tool–chip contact
zone, where the LN2 jet cannot penetrate due to the high contact
pressure in the zone (up to 1000 MPa). To validate the thermal
prediction of the 3D FE model, the temperature field in the chip
was selected for the comparison with the experimental measure-
ments. This is because that the chip has much less mass compared
to the insert or workpiece, and its temperature field can reach a
thermal steady-state very fast. The FE simulation results also con-
firmed that the maximum chip temperature can reach a nearly con-
stant value within the 10 mm cutting length that was used in the
model. However, within this short cutting length the temperatures
on the insert and the workpiece increased continuously, which is
far away from the thermal steady-state. The temperature field is
targeted on the chip close to the cutting area for validation, as
shown in Fig. 6(b). The figure shows that the average temperature
in the area is 300 �C. For validation purpose, the temperature at
the same location on the chip was measured using IR camera dur-
ing the turning process while applying the LN2 jet, as indicated in
Fig. 5(b). The measured temperature is around 280 �C. The results
indicate that the FEM was able to predict temperature within 7%
variation from the measured temperature.

To further evaluate the validity of the 3D FE model, the pre-
dicted machining forces are compared with the experimental
measurements. Figure 7(a) plots the predicted cutting force, which
is in good agreement with the experimental average cutting force
(dashed line). The comparison of the three components of the
average machining forces (cutting, thrust, and axial) is given in
Fig. 7(b). It shows that the FEM can predict the cutting force
within a variation of 10% from the measured average value. The
predicted thrust and axial forces were under estimated by
24–18%, respectively. The large discrepancy in thrust force was
also reported in the literature [18]. This common problem in FE
simulations of cutting may be due to the fact that measured thrust
forces contain not only the thrust force by chip formation but also
the force that presses the tool against the workpiece in feed direc-
tion. This feed movement is not included in the simulation. Other

reason could be attributed to the inproper friction model used in
the FEM or worn tools in the experiments. The above results
show the accuracy of CFD and FEM in modeling the mechanics
of the cutting operation while correctly simulating the thermal
aspect associated with the application of cryogenic cutting fluid.

5 Steady-State Thermal Analysis of the Insert Using

Two-Dimensional Finite Element Simulation

Since the tool wear is strongly related to the temperature, it is
necessary to obtain the temperature field in steady-state in FE sim-
ulation. However, it is very difficult to achieve the thermal
steady-state in 3D simulations due to the numerical convergence
issue and expensive computational cost. Hence, a 2D FE model
was developed to investigate the LN2 cooling effect on the cutting
tool. In the 2D FE model, the same magnitude of the real insert
dimension was used. The cutting speed is 120 m/min, which is the
same as that used in the 3D simulation. The depth of cut is
0.2 mm, which is equivalent to the feed used in the 3D FE model.
A frictional coefficient of 0.5 was used for dry cutting and 0.21
for cryogenic machining [14]. A heat exchange window, shown in
Fig. 8, is defined between the rake face of the insert and the chip to
simulate the LN2 jet cooling. The window is located right above
tool–chip contact region. The window temperature is T¼�196 �C
and the coefficient of heat transfer h¼ 3.2� 104 W/m2 K; the same
as those used in the 3D FE model.

Figure 9 is the simulation results of the steady-state temperature
fields under dry and LN2 cooling conditions. The maximum tem-
perature of the insert in dry cutting is T¼ 1230 �C, which is much
higher than T¼ 840 �C predicted in CM with LN2 jet. The high
temperature region is around the tool tip. By applying LN2 in this
region, the hot area becomes much smaller compared to dry cut-
ting. The cooling effect of LN2 jet on the insert can also be illus-
trated by Fig. 10. The temperature in the tool–chip contact region
(rake face) is reduced by 30–80% when using LN2, as shown in
Fig. 10(a). The temperature in the LN2 applied zone is reduced by

Fig. 6 Predicted temperature fields on (a) insert and (b) workpiece/chip

Fig. 7 Comparison of simulation and measured cutting forces
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up to 80%. The maximum temperature on the flank face is also
reduced by 30%, from 970 �C (dry) to 660 �C (LN2), as shown in
Fig. 10(b). This significant reduction in temperature drastically
affects tool wear on both rake and flank faces.

It was observed that Ti–6Al–4V alloy leads to intense adhesion
during cutting, especially in high speed cutting [23]. The Usui’s
model [24–26] is commonly used to evaluate adhesive wear rate
_w, expressed as a function of contact pressure rn, sliding velocity

Vs, and surface temperature T, as described in the following
equation:

_w ¼ PrnVsexp
Q

T

� �
(11)

where P and Q are wear constants, which are material dependent.
For WC/Ti–6Al–4V turning tribosystem, P¼ 7.8� 104 MPa�1

and Q¼ 2500 K [27]. The average values of rn and Vs in the

tool–chip contact region were obtained from the 2D FE simulation
results, rn¼ 850 MPa and Vs¼ 96.24 m/min. By substituting these
parameters into Eq. (11), the predicted dependence of the tool
wear rate on the surface temperature is plotted in Fig. 11. As
shown in the figure, the predicted tool wear rate at the maximum
temperate T¼ 1230 �C in dry cutting is 80 lm/min, which is
greater than 50 lm/min at the maximum temperate T¼ 840 �C
under LN2 cooling. This indicates that by applying LN2 jet in
machining of Ti–6Al–4V the tool life can be improved up to 40%.
It should be noted that only one of the dominant wear (adhesion)
was investigated in this analysis. If the diffusive wear is also con-
sidered, the improvement of the total life should be greater than
40%. Based on the preliminary experimental results, it is expected
that a greater enhancement of tool life can be achieved when the
LN2 jet parameters are optimized.

The simulation results also showed that by applying LN2 cool-
ing in cutting, the shear angle increases from 29.5 deg (dry) to
32 deg (LN2). The larger shear angle results in that the cutting and
thrust forces under LN2 cooling are reduced by 22% and 37%,
respectively.

6 Conclusions

A hybrid approach based on CFD and FEM analyses was pro-
posed to investigate the cryogenic machining of Ti–6Al–4V alloy.
Cryogenic machining tests were carried to validate the CFD and
FE models. The key results of this work are summarized as
follows:

(a) The CFD simulation results show that the emerging jet
from the nozzle, far away from the impingement surface,
behaves as a free jet with the maximum velocity in the free
jet core and decrease in the magnitude along the jet sides.
Unfavorable turbulence along the edges of the main jet was
observed, leading to accelerated evaporation of LN2. On
the other hand, favorable turbulence was found along the
target wall. This leads to an increase in the heat transfer

Fig. 8 A 2D FE model of CM

Fig. 9 Predicted steady-state temperature fields under dry and
LN2 conditions

Fig. 10 Temperature distributions along (a) rake face and (b) flank face

Fig. 11 Predicted tool wear rate versus temperature for WC/
Ti–6Al–4V tribosystem
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between the target and the LN2 jet along the target wall,
which can play a crucial role in decreasing the cutting tem-
perature of the tool and tool wear.

(b) It was found that the CHT between the LN2 jet and the tar-
get was ranged from 2.4� 104 to 5� 104 W/m2K, which is
in agreement with those reported in the literature.

(c) A 3D FE simulation of the CM process indicated that the
predicted chip temperature is in good agreement with the
experimental result, within 7% error. The predicted cutting,
thrust, and axial forces were found to be within variation of
10%, 24%, and 18% from the experimental results,
respectively.

(d) To evaluate the LN2 cooling effect on tool temperature and
tool wear, steady-state thermal analyses using a 2D FE
model were carried out to simulate cryogenic and dry
machining. The results show that under LN2 cooling condi-
tion, the maximum temperatures on both the rake and flank
faces are reduced by 30–80%, which results in tool life
improvement by more than 40%.

(e) The 2D FE simulation results also show that by applying
LN2 cooling in cutting, the shear angle increases, leading
to the reduction of the cutting and thrust forces by approxi-
mately 20–35%.
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Prediction and control of drilling-induced damage in fibre-reinforced
polymers using a new hybrid force and temperature modelling approach
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1. Introduction

Predicting the time varying forces and temperatures in drilling
of fibre reinforced polymers (FRPs) requires accurate modelling of
the interaction between the complex tool geometry and the
anisotropic laminar FRP structure. Several attempts have been
made for developing a force model for drilling of FRPs, based on
empirical, fundamental mechanics and numerical approaches
[1,2]. Such models could not provide a feasible and reliable
predictive capability for process and tool design and optimization.
Analytical (mechanistic) modelling of cutting forces has shown to
be a promising approach for such complex process [1,3]. However,
the few available mechanistic models for drilling multidirectional
FRPs are not designed to predict the fluctuating force values and
their spatial distributions due to the time-varying uncut chip
properties and geometry. Such features are essential for further
prediction of the cutting energy, which can be used for
temperature and thermal damage predictions. This research is
focused on developing a new analytical model that can accurately
predict the force and torque variations due to the material
anisotropy in the steady state and transient stages of the drilling of
multidirectional FRPs. The predicted forces are used for delamina-
tion prediction, using critical force criteria, which are based on
linear elastic fracture mechanics. The output of the analytical force
model is also used to determine the cutting energy, which is input

2. Generalized hybrid model

2.1. Force prediction model

The adopted modelling approach is based on experiment
defining the axial force ‘F’ and torque ‘T’ cutting pressures (‘K
‘KT,p’) and (‘KF,c’, ‘KT,c’) for the primary and chisel ed
respectively. The cutting pressures are functions of the cut
velocity ‘v’, the uncut chip thickness ‘d’, the normal rake angl
the cutting edge ‘a’ and the effective fibre orientation angle 

which is defined as the clockwise angle between the cut
direction and the fibre. The angle ‘ue’ controls the mechanism
chip formation and significantly affects the force and tor
fluctuations during drilling. The proposed generalized mode
formulated to deal with any laminate architecture. Therefore,
calibration tests for determining the cutting pressures have
address two challenges. First, since the primary and chisel ed
behave differently during cutting, their cutting pressures should
identified separately. Second, one should ensure that the cut
edges are engaged with the FRP material with the same effec
fibre angle ‘ue’ at any instant. These requirements can be me
drilling a unidirectional FRP material using a 2-flute symme
drilling tool, to cover the full range of ‘ue’ in one revolution of
cutting tool. In addition, cutting lip conforming cones were predri
at the hole entrance to avoid primary edge transients du
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ing edges and the layers of the laminate are determined from
process kinematics according to a global coordinate system.
ig. 1 shows the basic module that describes the engagement of
ven FRP configuration with the primary and chisel edge
ents of complex tool geometries; e.g., multi-facet or W-point

s, by adjusting the position of point ‘p’ and the secondary angle
he axial position ‘Zf,i’ of the interface of layer ‘i’ with the cutting

 is determined with respect to the top layer reference position
. The primary cutting edge is divided into ‘Np’ elements
esponding to the number of the FRP engaged layers. At time ‘t’,
length ‘Lp,i(t)’ of an element of a radius ‘ri’ on the primary
ing edge is determined from the corresponding vertical
gement length ‘Hv,i’ and the point angle ‘e’.

he kinematics module of the proposed model produces
rmediate parameters (‘v’, ‘d’, ‘ue’ and ‘a’) of each of the active
ing edge elements at every time step ‘t’ of the simulation. Such
meters are used to determine the corresponding time-varying
ing pressures using the calibration database. The effect of the
ction of the material layers under the tool on the uncut chip

kness is computed at each time step. The remaining material
ction is modelled using the beam theory, for a clamped plate.
ified uncut chip thicknesses ‘dp,i(t)’ and ‘dc,j(t)’ on the elements
nd ‘j’ of the primary and chisel edges, respectively, are
rmined from the difference between the nominal uncut chip
kness and the predicted deflection.
he ‘ue,p,i’ values of the active primary edge elements are
ulated from the engaged layer fibre orientation ‘ui’ and the
lar edge position ‘cp’. Similarly, the ‘ue,c,j’ values are obtained

he elements of the chisel edge length ‘Lc’. An empirical model
 developed based on the experimental findings in [4] to
rporate the distribution of the cutting pressures according to
rake angle profile along the primary cutting edge, which is
ntial for accurate predictions of the cutting energy distribution
ired for further thermal and mechanical damage predictions.
the standard point drill (tool ‘T10) used in the present
rimental work, ‘a’ varies along the primary cutting edge

 58 to 258. This profile was obtained via 3D surface scanning of
flank and rake faces of the primary edge.
he total drilling axial forces and torques on each of the primary

chisel cutting edges of multidirectional laminates are
puted from the summation of the elemental forces of the
ing edges ‘k’, as shown below:

Þ ¼ k
XN p

i¼1

KF; p;iðvi; d p;i; ue; p;i; ai; tÞ � d p;iðtÞ � L p;iðtÞ (1)

 ¼
XNc

KF;c; jðv; dc; j; ue;c; j; tÞ � dc; jðtÞ � Lc (2)

of the maximum frictional torque ‘Tf,m’ is determined from the
calibration drilling tests. The total instantaneous axial force and
torque are obtained from the summation of the axial and torque
components on the chisel and the primary edges:

FðtÞ ¼ F pðtÞ þ FcðtÞ (5)

TðtÞ ¼ T pðtÞ þ TcðtÞ þ A0LðtÞ
AL

T f ;m (6)

2.2. Temperature prediction model

Heat conduction in FRPs with anisotropic thermal properties is
a complex process that requires special considerations. Since this
process does not lend itself to a closed form solution, the analysis
has to be carried out using FEM. The drilling process is simulated by
continuously removing layers of CFRP material, as shown in Fig.
2. The geometry of the removed layer is determined by the profile
and the location of the drill tip. The thermal load, calculated from
the force and torque distributions predicted by the analytical force
model, is then applied on the top surface of each removed layer. In
this analysis, all the energy consumed in drilling is assumed to be
converted into heat, which is dissipated to the tool and the
workpiece. The percentage of the cutting energy that flows into the
workpiece is defined by the heat partition ratio ‘h’ [5]:

q ¼ h � Tv þ Fva

A
(7)

where ‘v’ is the angular velocity of the drill; ‘va’ is the axial velocity
of the drill, and ‘A’ is the swept area of the cutting edges in one
revolution. In drilling of CFRPs, ‘h’ is in the range of 20–50% [6].

2.3. Damage criteria

In this study, two types of damage are predicted; delamination
and thermal damage. Delamination describes the separation of two
laminated plies at their matrix interface. This takes place when the
axial force exceeds the interlaminar strength of the laminate. This
critical axial force is used to predict the onset of delamination. Two
types of drills are investigated in this study, twist and multi-facet
drills. The axial force for these types of drill can be considered as a
concentrated central load. The critical axial force ‘FA’ of exit
delamination for the two types of drills is represented by [7]:

FAðlÞ ¼ p

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
8GICEðlhtÞ2

3ð1 � n2Þ

s
(8)

Fig. 1. Schematic for cutting edge segments at different material layers.

Fig. 2. FE model for temperature prediction in drilling of CFRPs.
j¼1

Þ ¼ k
XN p

i¼1

KT; p;iðvi; d p;i; ue; p;i; ai; tÞ � d p;iðtÞ � L p;iðtÞ (3)

Þ ¼
XNc

j¼1

KT;c; jðv; dc; j; ue;c; j; tÞ � dc; jðtÞ � Lc (4)

he frictional torque ‘Tf(t)’ is also calculated at each instant of
 from the ratio of the lateral area of the tool in contact with the

 wall ‘A’L(t)’ to the maximum lateral tool area ‘AL(t)’. The value
where ‘GIc’ is the interlaminar fracture toughness of mode I, ‘E’ is
the tensile modulus of elasticity, ‘n’ is Poisson’s ratio, ‘l’ is the
number of uncut plies and ‘ht’ is the thickness of a single ply. As a
conservative solution, the critical axial force for entrance
delamination can also be determined using Eq. (8) for practical
applications, where ‘l’ is the number of cut plies at entrance [8].

The thermal damage usually appears on the hole wall when the
temperature of the wall approaches the matrix deterioration
temperature range. Thermogravimetric analysis of the material
used in this research showed that matrix deterioration could start
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at around 180 8C. Therefore, this temperature is used in this study
for predicting the occurrence of thermal damage.

3. Experimental validation

3.1. Experimental setup

Drilling tests for model calibration and validation were
performed on a 5-axis DMU-100P duo BLOCK1 CNC Machining
centre. Fig. 3(a) shows the setup used for drilling of CFRP
laminates. The drilling force signals were recorded using a Kistler
9272 4-component piezoelectric dynamometer (1). The error of
the force measurement system was estimated to be �7%.

The extra mass of the setup results in a drop in the natural
frequency of the force measurement system to an acceptable level;
three times higher than the maximum edge passing frequency of
the tested conditions. An infrared FLIR SC8303 IR camera (2) was
used to measure the temperature at the instant of the tool (3)
exit from the hole using an IR reflective mirror arrangement (4). A
K-type thermocouple was used to calibrate the tool and workpiece
emissivities within the measured temperature range; et = 0.34, and
ewp = 0.92, respectively. The error in the IR temperature measure-
ment was estimated to be �5%. The material used for the calibration
of the force model was a unidirectional [042] laminate comprising 42
plies of graphite epoxy. The cured laminate thickness (5) is
8.6 � 0.02 mm. The material used for the validation tests was a
cross-ply [(0,90)21] laminate. The validation tests were performed
using two types of 2-flute 6 mm diameter WC drilling tools, shown in
Fig. 3(b): T1; conventional point drill (e1 = e2 = 598), and T2; 8-facet
drill (e1 = 598, e2 = 458), All the calibration tests were performed using
tool type T1 only. The produced hole quality at the entry and exit
planes was investigated using a Winslow 560 video analyser. The
drilling conditions used for model calibration were n = 6000, 8000,
10,000 and 12,000 rpm, and f0 = 0.05, 0.1, 0.15 and 0.2 mm/rev. A
minimum of 2 replicates were performed for each test.

3.2. Validation of the drilling force predictions

Fig. 4 shows the results of a representative case (n = 10,000 rpm,
and f = 0.18 mm/rev) to illustrate the details of the predicted force
and torque in the steady state and transient stages for drilling of
multidirectional CFRP laminates using ‘T10 and ‘T20 tool geometries.
The figure demonstrates the capability of the model to accurately
predict the time varying magnitudes of the force and torque, mainly
due to the consideration of the effective fibre angle ‘ue’ and the uncut
chip thickness throughout the entire drilling process. The figure

exit transient stage in Fig. 4. After the chisel edge exits the ho
significant drop in the axial force level takes place before it st
approaching zero as a result of the final exit of the primary cut
edges. The torque signal experiences a similar drop after the ex
the chisel edge. However, the torque value remains fluctuating 

does not reach zero because of the remaining frictional torque
the lateral surface of the tool.

Validation tests were performed for 24 different cut
conditions for the tool geometries T1 and T2. The prediction er
in the entrance, steady and exit stages were found to be �5%
+15%, and �15% to +20% with a confidence interval of 95% for
axial force and torque, respectively. Such ranges are adequate
the optimization of the hole quality and tool design.

3.3. Validation of the temperature and thermal damage predicti

A numerical study was performed to determine the h
partition ratio ‘h’ as a function of the tool diameter ‘D’, coat
rotational speed ‘n’ and material properties. It was found that fo
between 6000 and 12,000 rpm ‘h’ is around 40% for D = 6.0 m
and 30% for D = 12.0 mm. Therefore, h = 40% was used in 

present analysis. A sensitivity analysis was also carried ou
assess the effect of the uncertainty in defining the ther
conductivities k11, k22, and k33 of the fibre, transverse and thickn
directions, respectively. The analysis showed that the chang
thermal conductivities within the ranges reported in the literat
(3.0 < k11 < 6.0, and 0.1 < k22, k33 < 0.5 W/m/K) caused less t
5 8C temperature difference at the exit hole wall.

To validate the FE model for temperature and thermal dam
predictions, a number of experimental cases were considered
case 1, a test was conducted, for n = 8000 rpm and f = 0.1 mm/
using tool T1 and [(0, 90)21] laminate with thermal conductivi
k11 = 5.0, k22 = 0.42, and k33 = 0.42 W/m/K. Fig. 5(a) shows 

Fig. 3. (a) Drilling setup, and (b) 3D images of tools T1 and T2.

Fig. 4. Predicted vs. measured (a) T1 axial force, (b) T1 torque, (c) T2 axial force

(d) detail ‘A–A’ (n = 10,000 rpm, and f = 0.18 mm/rev).
Fig. 5. (a) Temperature field and (b) temperature distribution on the exit plane as

the drill tip breaks through the plate, for case 1.
shows also that the model accurately predicts the force reduction
associated with ‘T20 due to the smaller chisel edge and the reduced
point angle of the second primary edges.

The main three drilling stages are identified on the axial force
signal plotted in Fig. 4 (a). The chisel breakthrough (point ‘B’) in the
exit transient stage is the most critical instant of the process
because the remaining material thickness is susceptible to more
damage under excessive forces. Unlike the case of a perfectly rigid
workpiece material and fixture, the last layers of the FRP laminate
experience some level of deflection, which causes a gradual chisel
edge breakthrough, as predicted by the model and shown in the
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parison between the measured and predicted temperature
s when the drill tip just exited the plate. Fig. 5(b) shows the
perature distributions along a defined path measured from
experiment and predicted from the model. The figure confirms
accurate temperature prediction of the model.
n case 2, reported in [9], n = 3000 rpm and f = 0.0083 mm/rev,
tool diameter D = 10 mm and its point angle = 1188. The
kpiece material is T300/AG80 unidirectional composite with

 4.6 (W/m/K), k22 = 0.42 (W/m/K), k33 = 0.1 (W/m/K).
6(a) shows the comparison of the predicted temperature

 with the infrared measurement on the exit plane as the drill
xits the plate. The figure shows that the model can accurately
ure the effect of faster heat conduction in the fibre direction,
pared to the matrix direction, as demonstrated by the oval

hermal lines. Fig. 6(b) also confirms that the model can
rately predict the transient thermal response of the point at
hole centre at exit.

or the nine cases described in Table 1, thermal damage was
icted and observed experimentally only for the case which

esponds to the highest rotational speed and lowest feed
 12,000 rpm, f = 0.050 mm/rev), using tool T2. Fig. 7(a) shows

 the thermally damaged (blackened) areas on the hole edge at
 are along the fibre direction, where the higher conductivity of
fibres allows less resistance to heat flow. This strongly agrees

 the locations where the predicted temperature reaches
 8C, as shown in Fig. 7(b).

Validation of delamination predictions

he nine cases defined in Table 1 for model validation were
 to compare the delamination damage predictions with
rimental measurements. Considering the uncertainty of the

rlaminar fracture toughness, a GIc range was taken as

350 � 50 J/m2 [10]. Based on Eq. (8), the critical axial force reaches
its minimum value at the last ply (exit) and the first ply (entrance) and
its range is FA(1) = 95–110 N, shown in Fig. 8 with red dotted lines.

Fig. 8(a) shows a typical axial force signal predicted by the
analytical model (for n = 9000 rpm and f = 0.15 mm/rev). The two
red rectangle regions represent the range of FA at entrance (Ply 1)
and exit (Ply 42). As shown in the figure, with this high feed, the
force signal on Ply 42 is above the red rectangle region, predicting
the occurrence of exit delamination. The microscopic image in Fig.
8(b) validates this prediction. Table 1 shows the good agreement
between the predictions and the experimental results for the
entrance and exit delamination, and confirms the validity of the
delamination criteria.

4. Conclusions

A generalized hybrid analytical–numerical model was devel-
oped to predict the time variation of the distributions of the cutting
pressures and cutting energy along the tool cutting edges. By
considering the interaction between the complex tool geometry
and the multi- layered FRPs, and the effect of the deflection of the
uncut layers under the tool, the entry/exit delamination and
thermal damage can then be predicted. Validation tests for
different tool geometries confirmed the model capability to
capture the features of the transient and steady state cutting
forces, and the temperature field at and around the hole. Accurate
prediction of the onset of the entry/exit delamination and thermal
damage were experimentally validated. The proposed model
provides reliable predictive capability for process and tool
optimization and design, which is not available in existing models.
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ABSTRACT
The heat transfer from rotating workpieces in dry and laser-
assisted machining turning operations has significant effect on 
the part temperature field and consequently the cutting forces, 
microstructure evolution and the thermoelastic behaviour of the 
workpiece. Process modelling and simulation require knowing the 
convective coefficient of heat transfer ‘h’. The determination of ‘h’ is, 
however, difficult because the need for measuring the position-and 
time-dependent temperature field in a rotating part. In this study, a 
method for determining h is presented, where the measurement of 
the temperature gradient at the surface is replaced by contactless 
measurement of the surface temperature. This avoids the insertion 
of thermocouples into the rotating workpiece and the need for a slip 
ring. In this approach, ‘h’ is also related to a physically meaningful 
parameter, which is characterised by its universality, as it can be 
calculated or measured for parts of various geometric forms, and 
its insensitivity to the initial conditions. Using the FE method, the 
design of the experiment, in terms of the part aspect ratio (length-
to-diameter) and the thermal end effect, was established. The effect 
of the temperature dependence of the material thermal properties 
and surface radiation on the accuracy of determining ‘h’ has been 
assessed. The accuracy of the method has been validated using 
reliable experimental data.

1. Introduction

Metal removal is a key technology in the aerospace and automotive manufacturing sectors, 
where the demand for high productivity and high accuracy is steadily increasing. Along 
with the increasing attention to the impact on the environment (human health, resources 
and the quality of the ecosystem), the combination of high speed and dry machining of 
difficult-to-cut aerospace materials, such as nickel and titanium alloys, is strongly required. 
A number of emerging technologies were introduced in recent years to assist achieving 
these goals, e.g. laser-assisted machining. For process development and optimisation and 
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convective heat transfer 
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turning; dry machining; 
direct heat conduction
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2  M. H. ATTIA ET Al.

prediction of the quality of the produced parts, e.g. machining-induced residual stresses 
and thermal deformation, there is a need to model the part-tool-machine system.[1–3] 
Among others, the thermal boundary conditions, including the convective coefficient of 
heat transfer around rotating workpieces and tools, need to be accurately determined to 
achieve this objective.

Heat transfer around a rotating object is a phenomenon that has numerous other engi-
neering and industrial applications ranging from the space vehicle technology to the cooling 
of turbine rotors on aircrafts, and rotating machinery. The convective heat transfer coeffi-
cient ‘h’ has been studied experimentally by several investigators, e.g. [4–8]. In these types of 
experiments, the determination of ‘h’ requires the measurement of the surface temperature 
of the rotating body and the heat flux or the temperature gradient in the solid at its surface. 
The surface heat flux can be estimated by circulating water within the solid body [7] and 
measuring the water inlet and outlet. Other arrangements included the use of electric heaters 
with slip rings. Separately heated end sections are usually needed to minimise end losses.
[4] In their experiments, Kops and Anderson [9,10] drilled holes to insert large number of 
thermocouples into the workpiece. The cylinder was heated using a flexible heating tape 
wound around its entire length, and then removed before the rotation. The temperature 
measurements made during the cooling cycle were then compared to data generated from 
FE analysis for a given ‘h’. The ‘h’ value was then iterated until the best match with the FE 
results is obtained. As can be seen in Section 3.1, this approach deals with an inverse heat 
conduction problem (IHCP) which is characterised by its instability and non-uniqueness.

The main objective of the present investigation is to propose a method that relies on 
measuring the temperature at a single location on the surface for determining ‘h’ through 
the solution of a direct heat conduction problem (DHCP). The main advantage of this 
approach is obtaining ‘h’ through a closed-form solution.

2. Theoretical considerations of the proposed method

Heat balance at the surface of heated (or cooled) solid is governed by the following 
relationship:
 

where �t
�n

|||s,�
is the temperature gradient in the body at, and normal to, the surface at any 

moment τ, ks is the thermal conductivity of the solid, h is the coefficient of heat transfer 
at the surface, ts is the surface temperature and ta is the ambient temperature. Equation 1 
is graphically presented in Figure 1. It is important to notice that at any point of time 
during the transient heating (or cooling) of the body, the extension of the tangent to the 
temperature gradient in the solid at the surface passes always through point ‘G’, located at 
a distance ks/h from the surface, provided that ks is temperature-independent. When this 
distance is combined with the characteristic dimension ‘L’ of the body, which is defined as 
the ratio between the volume V and surface area As of the body, one obtains the well-known 
dimensionless Biot number; Bi = hL/ks. It can easily be seen that Bi represents the ratio 
between the conductive and convective thermal resistances to heat flow through the solid 
wall and by convection at its surface. At the limit, when Bi → 0, point G moves away from 

(1)
�t

�n

||||s,�
=

h

ks
(ts − ta)
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the surface towards ∞ causing the temperature gradient in the solid at the surface �t
�n

|||s,�
to 

be flattened, producing nearly uniform temperature distribution across the wall of the solid 
body. Under this condition, the body can be ‘lumped’ and considered to be ‘thermally thin’. 
On the other hand, as Bi → ∞, point G becomes attached to the surface and ts → ta. This 
promotes the highest degree of non-uniformity of the temperature distribution across the 
wall. The body, in this case, is considered to be ‘thermally thick’. These two limiting cases 
are practically achieved when Bi < 0.1 and Bi > 100, respectively [11].

According to Kondratiev’s regular regime theory,[11,12] the general solution of the tran-
sient temperature field in cooled (or heated) solids has the same mathematical structure. 
This is true regardless of the shape of the body or its initial condition. When the cooling 
(or heating) process takes place by convection at its boundary, the general solution can be 
constructed for three-dimensional body (i = 3) by applying the ‘product solution’ principle, 
using the fundamental one-dimensional solutions of infinite bodies [11–13]:

where θ is the difference between the temperature t at any point Xi during the transient 
cooling (or heating) process and ta is the ambient temperature; θ = t–ta. The function An,i 
depends neither on the position xi nor on time τ; it only depends on the initial temperature 
distribution and the geometry of the solid body. The function Φ(μn,i, Xi) accounts for the 
change of temperature along the coordinates Xi (i = I, 2 or 3), while the time dependence of 
the temperature field is accounted for through the dimensionless Fourier number, Fov =

��

L2
v
, 

where α is the material thermal diffusivity, τ stands for the time, and Lv is characteristic 
length of body; L = V/As, and Li is characteristic length of the corresponding fundamental 
one-dimensional infinite bodies. The eigenvalues μn,i of Equation 2 depend on Bi number 
and are constant, real positive numbers that satisfy the following inequality:

In the case of a finite cylinder of length L and radius R, which is relevant to this study, the 
general solution is the product of the solutions of the fundamental problems of an infinite 
cylinder (with radius R) and an infinite plate (with thickness L). For this specific case, the 

(2)� = (t − ta) =

∞∑

n=1

3∏

i=1

An,iΦ(�n,iXi) exp

(

−

(

�2
n,i

L2
V

L2
i

)

FoV

)

(3)𝜇1,i < 𝜇2,i < …𝜇n,i

Figure 1.  variation of the transient temperature field near the surface of a solid body cooled by the 
ambient surrounding.
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4  M. H. ATTIA ET Al.

coefficient An,i is the product of Bessel and cosine functions that depend on Bii and the 
eigenvalues μn.i, while the function Φ is a function of Bii and μn.i in addition to the position 
Xi of the point under consideration (at r/R and z/L).

Equation 2 indicates that the solution for the temperature difference θ is the sum of an 
infinite series, 1 < n < ∞. At the beginning of the thermal process, the temperature field 
depends strongly on the initial condition, which is presented by the function An,i. With the 
increase in time above some instant τcr, the initial condition no longer dominates and the 
contributions of the subsequent terms (n > 1) rapidly decrease, by virtue of the inequality 
expressed by Equation 3. As a result, the temperature field can accurately be described by 
only the first term of the series:

 

Taking the logarithm of Equation 4 yields the following:

This relation indicates that the logarithm of the temperature difference changes linearly with 
time Fov for all points within the body, as shown in Figure 2 for the case of finite cylinder for 
Bi = 10. This stage is referred to as the regular regime stage and hence the name. Equation 5 
shows that the slope ‘m’ in three-dimensional transient heat conduction processes (i = 3) 
is expressed as follows:
 

The practical significance of Equation 6 can be realised through the following observa-
tions. First, the slope ‘m’ is the same at all locations within the body and remains unchanged 
over a period of time before reaching the steady state stage (Figure 2). This means that meas-
urements taken on the surface are adequate to characterise the entire process, without the 

(4)𝜃 = (t − ta) =

3∏

i=1

A1,iΦ
(
𝜇1,iXi

)
exp

(

−

(

𝜇2
1,i

L2
V

L2
i

)

FoV

)

, for Fo > Focr

(5)ln � =

3∑

i=1

ln
(
A1,iΦ

(
�1,iXi

))
−

(

�1,i

LV

Li

)2

FoV

(6)m = −

3∑

i=1

(

�2
1,i

�

L2
i

)

(a) (b)
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Figure 2. time variation of ‘ln (ts−ta)’ at the centre and surface of a finite cylinder cooled by the ambient 
surrounding (L/D = 5 and Bi = 10).
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need to measure the temperatures inside the rotating. Second, the coefficient of convective 
heat transfer ‘h’ can be directly obtained from the measurement of the slope ‘m’, if the body 
geometry ‘L’ and the material thermal conductivity ‘ks’ and specific heat cp are known. The 
only problem in using Equation 6 is not knowing the eigenvalue μ1,i. This problem can be 
solved by considering the heat balance between the change in the stored energy inside the 
solid and the heat transfer to the surrounding medium by convection:

which is reduced to
 

where cp is the material specific heat, ρ is its density, while �V and �s are the average excess 
temperatures of the body and its surface, respectively, above the ambient temperature. 
The ratio � = �s∕�V can be considered as a measure of the degree of the uniformity of 
the temperature distribution in the cooled (or heated) body. As indicated above, uniform 
temperature distribution corresponding to limBi→0(� = 1). At the other extreme, the highest 
degree of uniformity corresponds to limBi→∞(� = 0), since �s = 0. Practically, when Bi < 0.1, 
the variation in the temperature field in the solid, at any instant, is <5% [11].

Differentiation of both sides of Equation 5 with respect to time yields the following 
relation for the average temperature �V:

 

From Equations 7 and 8,
 

Equation 9 provides a basis for the functional relationship between the slope ‘m’ of the (ln 
θ) − τ linear relationship during the regular regime stage and the process variables, namely 
the body geometry, the material properties and the intensity of convective heat transfer 
at its surface. The correlation between the ratio ψ and Biot number was established by 
Yaryshev,[11] which was found to be insensitive to the body shape:
 

This correlation, shown in Figure 3, reflects the argument mentioned above that as Bi 
approaches 0 or ∞, the ratio ψ approaches 1 or 0, respectively.

Cp𝜌V
𝜕t̄v
𝜕𝜏

= hAs

(
ts − ta

)

(7)−
1

�v

(
��v

��

)

=
�s

�v

(
hAs

cp�V

)

(8)m =
1

�V

(
��V

��

)

= constant

(9)m = �

(
hAs

cp�V

)

(10)� =
(
Bi2v + 1.437Biv + 1

)−1∕2
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6  M. H. ATTIA ET Al.

2.1. Problem non-linearity

The formulation of Kondratiev’s theory is based on the assumption that the conduction 
heat transfer problem is linear. For the application being addressed, there are two sources of 
non-linearity (material and boundary condition) that need to be accounted for. This means 
that in reality, Biot number cannot be defined since its magnitude changes in the course of 
the transient process due to the temperature dependence of the material thermal proper-
ties. As a result, point G (Figure 1) shifts with time to the right or to the left, depending on 
whether ks increase or decreases with the increase in temperature. Moreover, the relationship 
between ‘m’ and the convective coefficient of heat transfer ‘h’ (Equation 9) is contaminated 
by the contribution of the radiation heat transfer at the surface.

The material non-linearity, due to the dependence of the thermal properties on temper-
ature, can be removed by following the optimal linearisation concept suggested by Baclic 
[19] in which the properties are determined at some optimal reference temperature which 
minimises the difference between the linearised and exact solutions, over the spatial and 
time domains. Improvement to the known Kirchhoff transformation [11,13] in which the 
temperature is substituted by the integrated conductivity as the dependent variable was 
proposed by Dixmier [20] to remove the non-linear boundary condition due to radia-
tion. Other schemes for linearising the heat conduction differential equation and radiative 
boundary condition are described in [21–23].

Equation 4 resembles the thermal response of a ‘lumped body’ with uniform temper-
ature distribution at any instant during the transient cooling (or heating) process. This 
condition simplifies greatly the treatment of the material non-linearity; if the temperature 
dependence of ks is approximated by a linear relationship, ks(t) = k1 + k2t. Alhama et al. [24] 
established a universal limit for Bi that ensures that the variation in the temperature field in 
the solid, at any instant, is <5%. This limit depends on the kind of the process (cooling or 
heating), the type of temperature dependence (k2 is positive or negative) and the following 
dimensionless number κ:

 

(11)� =

(
kmax − kmin

)

km

0.850

0.900

0.950

1.000

0 0.05 0.1 0.15 0.2 0.25
Bi

Figure 3. effect of Biot number (Bi) on the ratio (ψ) which measures the degree of uniformity of the 
temperature distribution in cooled (heated) body.
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AdvAncES In MATERIAlS And PRocESSIng TEcHnologIES  7

where km is the mean value of the thermal conductivity over the operating temperature 
range, tmin < tm < tmax. The temperature dependence of the specific heat cp has no influence 
on this Biot limits. For transient cooling processes, the dependence of Bilim on κ is expressed 
by the following as simple polynomial equations [24]:
 

 

The significance of Equations 12 and 13 in designing the test conditions is to use a material 
with a positive temperature-dependent coefficient k2 > 0 (i.e. ks increases with temperature) 
in order to increase Bilim and improve the accuracy of the ‘h’ prediction. In this analysis, 
Biot number is defined at km.

The radiation heat flow rate qr is described by the following relation [25]:
 

where σ and ε are the Stefan–Bolzmann constant and the surface emissivity, respectively. 
The symbols Ts and Ta are the absolute surface and ambient temperatures, respectively. By 
expressing Equation 14 in the conventional form for heat convection, the following defini-
tion for radiative surface heat transfer hr can be obtained:

As far as radiation is concerned, air is non-absorbing medium, and therefore, one can 
treat convection and radiation as independent, simultaneous heat transfer processes. The 
combined convective and radiative coefficient of heat transfer hcr is defined as follows [25]:
 

Thus, by determining hcr experimentally and estimating the average value of hr from 
Equation 15, one can find the convective coefficient of heat transfer h.

3. Design of experimental set-up through finite element simulation

3.1. Challenges and proposed solutions

For typical dry turning of cylindrical parts with up to 100 mm diameter and rotational 
speed of up to 10,000 rpm, the values of the coefficient of heat transfer h [4–7] correspond 
to Bi  <  0.1. As mentioned above, the common approach for measuring the convective 
coefficient of heat transfer h requires inserting a number of thermocouples into the solid 
to establish the temperature gradient �t

�n

|||s,�
 [9,10]. This approach, shown schematically in 

Figure 4(a), is associated with a number of drawbacks:

(1)    The low level of Bi number makes the temperature variation across the cross 
section only <2–3°.[10] This is comparable to the measurement error of thermo-
couples with special limits of error of ±1 °C. The reliability of the temperature 

(12)Bilim
(
cooling, k2 > 0

)
= 1.09 + 0.050𝜅

(13)Bilim
(
cooling, k2 < 0

)
= 1.09 − 0.050𝜅

(14)qr = �As ∈ (T4
s − T4

a )

(15)qr = hrAs(Ts − Ta), and… hr = � ∈ (T2
s + T2

a )(Ts − Ta)

(16)hcr = h + hr =
qtotal(

Ts − Ta

)
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8  M. H. ATTIA ET Al.

measurement is further deteriorated by the thermocouple spatial positioning 
uncertainty and the errors associated with the distortion of the temperature field 
when the thermocouples are inserted into the solid [14–16]. Additionally, there 
is a need for special arrangement of slip ring(s) to measure the temperature at 
number of locations inside the rotating body.

(2)    The solution of inverse heat conduction problem (IHCP), for identifying the 
surface heat flux from the measurement of temperatures inside the body, is  
ill-posed. This is due to the nature of the input function (the measured tempera-
tures), which is discrete in time, lagged, damped and contains random errors. As a 
result, the solution of the IHCP is characterised by its instability and non-unique-
ness [17,18]. In addition, the solution of IHCP is also sensitive to the initial  
temperature distribution in the body.

The proposed method takes advantage of the low level of Bi, to convert a complex 3D prob-
lem into a simple lumped model, in which the surface temperature at a single location is 
sufficient to directly determine ‘h’. From the time history of the surface temperature ts(τ), 
the slope ‘m’ of ‘ln (ts − ta)’ vs. time (Figure 2(b)) is obtained and the average value of ‘h’ is 
determined from Equations 9 and 10. This approach renders the problem under consid-
eration a direct heat conduction problem (DHCP), surmounting all IHCP limitations. In 
addition, the problems related to the temperature dependence of the thermal properties 
are efficiently dealt (Equations 12 and 13) without resorting to an iterative algorithm. The 
contributions of the convection and radiation modes of heat transfer can also be separated 
(Equations 15 and 16). It is worth noting that for the typical range of rotational speeds and 
part sizes in turning operations, the value of Reynolds number is high enough to produce 
concentric streamlines around the rotating body [8]. This indicates that the coefficient of 
heat transfer ‘h’ is nearly uniform around the surface, and therefore, the determination of 
the average value of ‘h’ is justifiable.

Following the approach adopted in[9], the part is first heated and then the surface tem-
perature ‘ts’ is continuously monitored during the cooling cycle of the rotating part. The 
initial heating of the part can be accomplished using a flexible, removable electric tape heater 
while the part is stationary, as in [9,10], or using a laser beam while the part is rotating. The 

Figure 4. comparison between (a) the approach used in [9.10] and (b) the proposed method.
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AdvAncES In MATERIAlS And PRocESSIng TEcHnologIES  9

laser beam can simultaneously travel along the axis of the part, or kept stationary to produce 
a ring-heated zone with a width equals to the beam spot size (~3–4 mm), as shown sche-
matically in Figure 4(b). Further simplification can be achieved using contactless infrared 
temperature sensors. Alternatively, if a single surface temperature thermocouple with a slip 
ring is used, then special considerations should be made for the thermometric design of 
the temperature sensor to compensate for the local distortion in the temperature field [26].

3.2. Effect of process variables – sensitivity analysis

Numerical simulation, using ANSYS FE software [27], was used to validate the proposed 
method and to investigate the individual and combined effects of the process variables. The 
accuracy of determining ‘h’ is also assessed by comparing the value of the coefficient of heat 
transfer hest estimated from the virtual measurement of (ln θ) of a point on surface, at the 
mid-section, to the value hact input into the simulation. The latter is considered as the actual 
value, in the context of virtual experimentation. In this simulation, the random temperature 
measurement error is also considered. Through sensitivity analysis, the following effects are 
investigated: the insensitivity to initial conditions (i.e. initial temperature field), the part 
aspect ratio (L/D), the thermal end effect, the material non-linearity and surface radiation.

The FE mesh idealisation of the axisymmetric model of a rotating cylinder is shown in 
Figure 5. The number of the elements (type Plane 55; axisymmetric) is 25,000. The element 
size is 1 mm. A rotating cylinder of length 500 mm and diameter 100 mm (L/D = 5) was 
used in most of the simulations, except for those cases that modelled the effect of varied 
cylinder geometry. During the heating cycle, a heat flux of 21 kW/m2 was applied on the 
cylindrical surface and convective heat transfer coefficient of 15 W/m2 K was applied on flat 
ends to simulate free convection. During the cooling cycle, the heat flux was removed and the 
cylinder was rotated at 5,000 rpm. Other rotational speeds (1,000 < N < 5,000) were tested 
using the corresponding coefficient of heat transfer h [4]. At 5,000 rpm h1 = 105 W/m2 K.  
Alloy steel AISI 4040 was chosen as the part material.

3.2.1. Insensitivity to initial condition
The strength of the proposed method lies in its insensitivity to the initial condition, i.e. the 
temperature field at the beginning of the cooling cycle, t (x, y, z) at τ = 0. For evaluating the 

h3 h2

h1

Figure 5. Fe mesh idealisation of the axisymmetric rotating part.
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10  M. H. ATTIA ET Al.

effect of different initial conditions on the slope m, the surface temperature was kept at 300 °C 
during the heating phase. The cooling phase was then started by stopping the heating process 
at different times (τ = 1.6, 20.7, 100.7 s) to obtain different initial conditions. Figure 6(a) 
shows the initial temperature field at τ = 1.6 and 100.7 s. The change in ln (θ) with time 
during the cooling phase is shown in Figure 6(b) for the three initial conditions. It can be 
seen that the variation in ‘m’, and consequently ‘h’, is practically nil (<1%).

3.2.2. Optimum part aspect ratio (L/D)
The ‘m’ values of cylindrical parts with different L/D ratios were compared to establish the 
effect of the part geometry on the ‘h’ prediction error. The diameters were kept constant, and 
the length was varied. Parts with L/D = 1, 3, 5, 10 and 20 were tested. The ratio L/D = 20 is 
considered as an infinite cylinder; L/D = ∞. The uncertainty in the distribution of ‘h’ near 
and over the two end surfaces, where the surface velocity approaches zero at the centre, 
can be eliminated by insulating these surfaces (Figure 4(b)). Analysis of the simulation 
results showed that with 1 < L/D < 5 and the ends insulated, the prediction error of <±5%.

(a) 

(b) 

0

1

2

3

4

5

6

0 1000 2000 3000 4000 5000 6000

ln
 (t

s
-t

a)

Time (s)

I.C. 1 @ t= 1.6 s

I.C. 2 @ t=20.7 s

I.C. 3 @ t=100.7 s

20          100              150              225          300 260                270             280          290        300

= 1.6 s = 100.7 s

Figure 6. (a) initial temperature distributions and (b) the corresponding time variation of ln (ts−ta) during 
the cooling phase.
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AdvAncES In MATERIAlS And PRocESSIng TEcHnologIES  11

3.2.3. Effect of the process non-linearity
The analyses presented above were based on the assumption that the thermal conductivity ks 
and specific heat cp of alloy steel AISI 4040 were constant. When the change in these prop-
erties with temperature was allowed in the FE simulation, the results showed that negligible 
change in ‘m’, and consequently, ‘h’ was produced. This could be attributed to the fact that 
the material thermal conductivity changes by only −6.5% when the temperature changes 
from 20 to 300 °C. Therefore, additional severe test cases were analysed, by forcing ks and 
cp to linearly change by ±50 and +10%, respectively, as the temperature increases from 20 to 
300 °C. The results confirmed the negligible effect on the slope ‘m’ and consequently on ‘h’.

The effect of surface radiation on ‘m’ was also tested through the FE simulation by 
allowing the modes of heat convection and surface radiation (Equation 15) to operate 
simultaneously. From the analysis of the results, it was concluded that disregarding the 
contribution of radiation, the maximum surface temperature ts = 350 °C would generate an 
error between 0.5 and 4.3%, when the emissivity ε is varied from 0.05 to 0.75, respectively.

3.2.4. Effect of temperature measurement error
To assess the effect of temperature measurement errors on the robustness of the proposed 
method, random errors were generated and superimposed on the surface temperature 
obtained from the FE simulation during the cooling phase. The errors were assumed to 
follow a normal distribution curve, with standard deviation σ = 0.75, to produce meas-
urement errors of ±2 °C, as shown in the inset in Figure 7. This is again a severe test, since 
temperature sensors with accuracy of ±1 °C are commercially available. Analysis of the 
results showed that this level of measurement error would introduce only 0.5% error in 
the prediction of ‘m’ and ‘h’.

Additional FE simulation tests were carried out for a material with high thermal 
conductivity; AL 7075 (ks  =  130  W/mK) and for different coefficients of heat transfer; 
50 < h < 200 W/m2 K. It was shown that the prediction errors were still within ±5%.

Figure 7. time variation of the surface temperature ts in the presence of random measurement error 
(L/D = 5, Bi = 0.63).
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12  M. H. ATTIA ET Al.

3.2.5. Implementation of localised heating by a laser beam
The FE simulations presented above were based on uniform heating over the cylindrical 
surface of the part, which can be obtained when flexible tape heaters are used. As an alter-
native method, a moving or stationary laser beam could be used while the cylindrical part 
rotates around its axis. The latter case produced a ring-heated area whose width is equal 
to the beam spot size. Such a system has been implemented at the Aerospace Structures, 
Materials and Manufacturing Laboratory, National Research Council Canada, Figure 8(a), 
using a high-power laser beam, generated by a 5200W IPG PHOTONICS YLR 5000 fibre 
laser, with a wavelength of 1.0 μm. The figure shows also the air-cooled high-speed slip 
ring, installed on the rotating workpiece to connect the thermocouple extension wires to 
a data acquisition system. The Thermo Vision A20M infrared (IR) camera that is used to 
monitor the temperature field in the surface area of interest is also shown. Figure 8(b) shows 
the FE-simulated temperature field during the cooling phase after laser preheating over a 
small band of 4 mm. The time variation of the surface temperature ts at locations T1 to T5 
is identified. When the average of the temperatures at T3 and T4 was used to establish the 
slope of the straight line portion of the θ(τ) relation, the value of ‘h’ was accurately predicted 
with error <5%. This method of laser heating is an attractive alternative in such applications 
as laser-assisted machining and laser surface heat treatment [28].

3.2.6. Recommended experimental set-up for determining ‘h’
From the above analysis, the following experiment arrangement is recommended:

(1)    The material of the rotating part should have a large thermal conductivity, with 
zero or positive value of κ (Equation 11), e.g. aluminium alloy 1100. This selection 
ensures a small Biot modulus and high Bilim (Equations 12 and 13), in order to 
minimise the error in determining the coefficient of convective heat transfer ‘h’. 
The aspect ratio should be in the range 3 < L/D < 5.

(2)    Reduce the surface emissivity, to minimise the effect of thermal radiation. This 
would simplify the analysis and eliminate the need to compensate for this effect 

(a) (b)

Figure 8. (a) experimental set-up for laser heating and (b) Fe simulation of the temperature field during 
the cooling phase after laser preheating over a small band of 4 mm.
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AdvAncES In MATERIAlS And PRocESSIng TEcHnologIES  13

(Equations 15 and 16). Highly polished aluminium surface can reduce the emis-
sivity coefficient to ε = 0.05.

(3)    Contactless temperature measurement, using precision infrared temperature sen-
sors or infrared thermocouples with measurement error of ±1 °C.

4. Experimental validation

The method for determining the coefficient of convective heat transfer ‘h’ around rotating 
bodies was validated using experimental results reported in [9,10]. The schematic of the 
experimental set-up is shown in Figure 4(a). The rotating cylinder was made of steel and has 
a diameter D = 75 mm and length L = 300 mm. The temperature measurements recorded at 
9 different locations on the surface and inside the rotating part were analysed and presented 
in the form of ‘ln (ts−ta)’ vs. time in Figure 9. Using the temperature measurement from 
the thermocouple closest to the surface, the ‘h’ value was estimated to be 16.1 W/m2 K, 
compared to 16.8 W/m2 K reported in [9,10]. This confirms the validity and accuracy of 
the proposed method and demonstrates the major simplification in conducting such an 
experiment.

5. Conclusions

A method for determining the convective coefficient of heat transfer ‘h’ around rotating 
bodies is presented. The method, which is based on Kondratiev’s regular regime theory, is 
characterised by its universality and its constancy, as it is both position- and time-inde-
pendent over a period of the transient process. An approximate closed-form solution for 
the relationship between ‘h’ and the process variables is presented. The method is capable of 
dealing with the process non-linearities that arise from the temperature dependence of the 
material thermal properties and radiative heat transfer. Through sensitivity analysis and FE 
simulation, recommendations regarding experimental set-up were made, the part material, 
its aspect ratio (L/D) and the methods of heat application and surface temperature measure-
ment. The accuracy of the proposed method was validated using reliable experimental data.
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Figure 9. representation of the temperature measurements reported in [10] at various locations inside 
a rotating part in the form of ‘ln (ts−ta)’ vs. time.

D
ow

nl
oa

de
d 

by
 [

M
cG

ill
 U

ni
ve

rs
ity

 L
ib

ra
ry

] 
at

 2
3:

35
 1

6 
Ju

ne
 2

01
6 



14  M. H. ATTIA ET Al.

Acknowledgement

The authors acknowledge the support of MITACS Accelerate programme, in partnership with Seco 
Tools AB, Sweden. The financial support of the Natural Sciences and Engineering Research Council 
(NSERC) is also acknowledged.

Disclosure statement

No potential conflict of interest was reported by the authors.

References

 [1]  Shi B, Attia MH. Current status and future direction in the modeling and simulation of high 
performance machining processes: a critical literature review. Int. J. Mach. Sci. Technol. 
2010;14:149–188.

 [2]  Shi B, Attia H. Modeling the Thermal and Tribological Processes at Tool-Chip Interface in 
Machining. Int. J. Mach. Sci. Technol. 2009;13:210–226.

 [3]  Shi B, Attia MH, Vargas R, et al. Numerical and experimental investigation of laser-assisted 
machining of Inconel 718. Int. J. Mach. Sci. Technol. 2008;12:498–513.

 [4]  Anderson IT, Saunders OA. Convection from an isolated heated horizontal cylinder rotating 
about its axis. Proc. R. Soc., London Ser A. 1953;217:555–562.

 [5]  Dropkin D, Carmi A. Natural convection heat transfer from a horizontal cylinder rotating in 
air. Trans. ASME. 1957;79:741–749.

 [6]  Etemad A. Free convection heat transfer from a rotating cylinder to ambient air with 
Interferometric study of flow. Trans. ASME. 1955;77:1283–1289.

 [7]  Ozerdem B. Measurement of convective heat transfer coefficient for a horizontal cylinder 
rotating in quiescent air. Int. Comm. Heat Mass Trans. 2000;27:389–395.

 [8]  Elghnam RI. Experimental and numerical investigation of heat transfer from a heated 
horizontal cylinder rotating in still air around its axis. Ain Shams Eng. J. 2014;5:177–185.

 [9]  Kops L, Arenson M. Determination of Convective Cooling Conditions in Turning. CIRP 
Ann. – Manuf. Technol. 48:1999;47–52.

 [10]  Arenson M. Determination of Convective Heat Transfer Coefficients in Turning [M. Eng. 
Thesis]. Montreal, Canada: McGill University; 1997.

 [11]  Luikov AV. Analytical heat diffusion theory. New York, NY: Academic Press; 1968.
 [12]  Isachencko V, Osipova V, Sukomcl A. Heat transfer. Moscow: Mir Publishers; 1969.
 [13]  Carslaw HS, Jaeger JC. Conduction of heat in solids. 2nd ed. Oxford: Oxford University Press; 

1959.
 [14]  Attia MH, Kops L. Distortion in thermal field around inserted thermocouples in experimental 

interfacial studies- part III: Numerical and experimental verification. Trans. ASME, J. Eng. 
Ind. 1993;115:444–449.

 [15]  Attia MH, Kops L. Distortion in Thermal Field around Inserted Thermocouples in Experimental 
Interfacial Studies - Part II: Effect of Heat Flow through the Thermocouple. Trans. ASME, J. 
Eng. Ind. 1988;110:7–14.

 [16]  Attia MH, Kops L. Distortion in the Thermal Field around Inserted Thermocouples in 
Experimental Interfacial Studies. Trans. ASME, J. Eng. Ind. 1986;108:241–246.

 [17]  Attia MH, Fraser S, Osman MOM. On-line estimation of time-variant thermal load applied to 
machine tool structures using an s-domain inverse solution. Int. J. Mach. Tools Manuf. Des., 
Res. Appl. 1999;39:985–1000.

 [18]  Fraser S, Attia MH, Osman MOM. Modelling, identification and control of thermal deformation 
of machine tool structures: part III- real-time estimation of heat sources. Trans. ASME, J. 
Manuf. Sci. Eng. 1999;121:501–508.

D
ow

nl
oa

de
d 

by
 [

M
cG

ill
 U

ni
ve

rs
ity

 L
ib

ra
ry

] 
at

 2
3:

35
 1

6 
Ju

ne
 2

01
6 



AdvAncES In MATERIAlS And PRocESSIng TEcHnologIES  15

 [19]  Baclic BS. Optimal reference temperature for thermophysical properties in transient nonlinear 
heat conduction problems. Proceedings of Sixth International Heat Transfer Conference; 1978, 
Aug 3; Toronto, Canada, pp. 269–274.

 [20]  Dixmier M. Linearization of sparrow and Koopman’s method for heat transfer with variable 
conductivity. Nucl. Sci. Eng. 1972;48:121–122.

 [21]  Salmatov VV. An approximate method for calculating nonlinear heat conduction problems. 
Heat Transfer-Soviet Research. 1972;4:41–49.

 [22]  Vujanovic B. Application of the optimal linearization method to the heat transfer problems. 
Int. J. Heat Mass Transfer. 1973;16:1111–1117.

 [23]  Luikov AV. Methods of solving the nonlinear equations of unsteady-state heat conduction. 
Heat Transfer-Soviet Research. 1971;3:1–51.

 [24]  Alhama F, Zueco J. Application of a lumped model to solids with linearly temperature-
dependent thermal conductivity. Appl. Math. Model. 2007;31:302–310.

 [25]  Chapman AJ. Heat transfer. 2nd ed. Stamford, CT: Macmillan Company, OMEGA Engineering, 
Inc.; 1969.

 [26]  Attia MH, Kops L. Thermometric design considerations for temperature monitoring in 
machine tools and CMM structures. Int. J. Adv. Manuf. Technol. 1993;8:311–319.

 [27]  ANSYS Professional software.
 [28]  Shi B, Attia MH. Integrated Process of Laser-Assisted Machining and Laser Surface Heat 

Treatment. ASME Trans., Journal of Manuf. Sci. Eng. 2013;135–144.

D
ow

nl
oa

de
d 

by
 [

M
cG

ill
 U

ni
ve

rs
ity

 L
ib

ra
ry

] 
at

 2
3:

35
 1

6 
Ju

ne
 2

01
6 



Bin Shi
Aerospace Structure, Materials and

Manufacturing Laboratory,

National Research Council Canada (NRC),

5145 Avenue Decelles,

Montreal, PQ H3T 2B2, Canada

e-mail: bin.shi@nrc.ca

Helmi Attia
Aerospace Structure, Materials and

Manufacturing Laboratory,

National Research Council Canada (NRC),

5145 Avenue Decelles,

Montreal, PQ H3T 2B2, Canada;

Department of Mechanical Engineering,

McGill University,

817 Sherbrooke Street West,

Montreal, PQ H3A 2K6, Canada

e-mail: helmi.attia@nrc.ca and

helmi.attia@mcgill.ca

Integrated Process
of Laser-Assisted
Machining and Laser
Surface Heat Treatment
A process is proposed for integrating the laser-assisted machining (LAM) and laser sur-
face heat treatment (LSHT) in a single operation. Experimental and numerical investiga-
tions were carried out. LSHT tests were performed to investigate the effect of the process
parameters on the microstructure evolution and hardenability. A methodology and an
empirical model for prediction of hardened depth were proposed. A two-dimensional fi-
nite element (2D-FE) model was developed to predict the phase transformation during
the LAM and LSHT processes. The optimization of the LAM process was also investigated
using the developed finite element model. [DOI: 10.1115/1.4025832]

1 Introduction

With the development of new laser sources with small wave
length and high absorptivity for metallic material, laser offers a
profitable and reliable alternative in different manufacturing proc-
esses, such as machining, surface treatment, and welding. The
success of this approach depends on the optimal combination of
the laser power density and beam interaction time.

LAM is a hybrid process that uses a high power laser beam to
locally heat the workpiece prior to cutting. By softening the mate-
rial with a laser heat source, it was found the cutting forces were
reduced by 20–40% for turning of Inconel 718 [1], by 30–50% for
Ti6Al4V [2], and by 10–40% for steel 100 Cr6 [2]. The tool life
was increased by 180% for laser-assisted turning of the titanium
metal matrix composites [3], and the material removal rate was
increased by 30% for Inconel 718 [4]. It was also observed that
LAM improved surface finish and surface integrity for Inconel
718 [5]. A good surface finish less than 0.3 lm was produced in
LAM of transmission shafts of AISI 4130 [6]. Since it is controlla-
ble, economic, and environmentally friendly, LAM was consid-
ered as a replacement of the currently used hard turning and
grinding operations [6].

LSHT is a process that is used to obtain hard and wear resistant
surface layers with a typical thickness of 0.5–1.5 mm [7]. In the
LSHT process, a laser beam travel across a workpiece, causing
the surface layer to be heated rapidly. The bulk material acts as an
efficient heat sink, resulting in quenching phase transformations.
Therefore, a hard surface layer is produced, while desirable bulk
properties, such as toughness and ductility, remain unaffected [7].
Compared to other localized hardening processes, such as flame
hardening, induction hardening, and electron beam hardening,
LSHT has the advantage of minimal part distortion, high repeat-
ability, and reliability, with well controlled depth and width of the
hardened layers. There is also no need for quenchant, and the
requirement for final machining of the part by grinding could be
eliminated [8]. LSHT is also highly suitable for automation and
treatment of the parts with complex shapes using CNC programs.

In this study, a methodology is proposed to explore the poten-
tial of integrating LAM and LSHT in a single operation using the
same laser source with different laser heating parameters. This
integration is well suited for the production of crankshafts, gears,

bearing rings, etc., which require surface heat treatment after
machining. Detailed experimental setups of LAM and LSHT of
carbon steel AISI 1536 are presented in this paper. LAM tests
were first carried out, followed by LSHT tests under different
laser heating parameters, including laser powers and scanning
speeds. The effect of the process parameters on the hardenability
were investigated in the LSHT. An empirical model for the pre-
diction of the depth of hardened layers was proposed. For numeri-
cal investigation, a 2D-FE model was developed to simulate the
LAM and LSHT processes. The FE model couples phase transfor-
mation with mechanical and thermal analyses to predict cutting
forces, temperature fields, and microstructure evolution. Experi-
mental results were generated for validation of the FE model for
LAM. The optimization of LAM process was numerically investi-
gated. The thickness of hardened zone (HZ) and hardness profiles
in LSHT were also predicted and compared with the experimental
measurements to validate the developed FE model.

2 Proposed Process and Approach

Two thermal cycles; heating and cooling, take place during
LAM and LSHT of steels. In the heating cycle, if the temperature
rises above the austenitization start temperature TAs, the ferritic
and pearlitic phase structure (aþFe3C) of the bulk material starts
to transform into an austenitic c-phase, where the carbon is dis-
solved in the steel [9]. Above the austenitization end temperature
TAe, a complete austenized structure is developed. In the cooling
cycle, if the steel is cooled slowly, the austenite reverts to ferrite
and pearlite, typically in a few minutes [10]. However, in the case
of LAM and LSHT, the cooling rate is extremely high, greater
than 1000 �C/s [11], by the conduction of heat into the bulk mate-
rial. Therefore, a diffusionless phase transformation is dominated
in the cooling cycle of the processes [11]. This quench rate is fast
enough to produce martensitic structure without the need of a
coolant such as water/oil spray. This LSHT martensite phase
increases the material hardness on the surface, while desirable
bulk properties of toughness and ductility remain unaffected.
However, in the LAM process, the high preheating temperature
associated with large plastic deformation may promote undesir-
able microstructural change on machined surfaces, such as the for-
mation of a white layer [12]. Therefore, the preheating
temperature in LAM must be well controlled below the austeniti-
zation start temperature TAs in order to avoid workpiece subsur-
face damage, and at the same time to achieve the maximum
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benefits of reduced cutting force Fc, reduced tool wear and good
surface finish [13]. The preheating temperature in LSHT, on the
other hand, must be within the austenitization zone, but lower
than the melting temperature, to allow for carbon diffusion. A
short beam interaction time and high temperature (HT) gradients
are also required to prevent heating of the bulk material [14]. The
hardened depth can be controlled in LSHT by adjusting the laser
power density and the beam interaction time. Based on the above
analysis, a flow chart was proposed for integrating LAM and
LSHT processes into one operation using a single setup and laser
source, as shown in Fig. 1. The study is focused on the optimiza-
tion of the preheating parameters in order to minimize the cutting
force and eliminate the phase transformation on the machined sur-
face in LAM, and to obtain the maximum hardened depth without
surface melting in LSHT. Tool wear and surface finish were not
considered in this investigation.

3 Experimental Investigation

In the integrated process, the LAM is followed by LSHT, using
the same setup but with different laser heating parameters. To
evaluate the effect of laser heating on the machining and surface
heat treatment processes, two series of experiments were carried
out; orthogonal cutting and surface heat treatment on a flat sur-
face. The workpiece material used in this investigation is carbon
steel AISI 1536. Although in the integrated LAM–LSHT process
is intended for turning operations, the LSHT tests were conducted
here on flat surfaces. Thermally, a plane wall can accurately repre-
sents a cylindrical wall, if the wall thickness-to-outer diameter ra-
tio of the cylinder is <0.1, as it is the case in our experimental set
up. The difference in the thermal resistances of the cylindrical and
equivalent plane elements to heat conduction, under this condi-
tion, is <1%. Another reason for choosing flat surfaces in LSHT

is to reduce the effort and cost of preparing specimens for micro-
structure analysis, considering that approximately 50 specimens
were examined. In addition, both processes are modeled by 2D
simulation, as will be discussed in Sec. 4. The methodology pro-
posed in this study, for integrating LAM and LSHT processes,
will be further extended to real turning applications involving
complex profiles.

3.1 LAM Process

3.1.1 Experimental Setup of the LAM. A schematic and a pic-
ture of the LAM experimental setup are shown in Fig. 2. The cut-
ting tests were carried out on a Boehringer NG200 turning center.
The workpiece was prepared in the form of a cylindrical tube for
orthogonal turning. The outside diameter of the tube is 50.0 mm.
The tube thickness is 4.0 mm. A new carbide insert, H13A, with a
zero rake angle and sharp edge (�20 lm) was used for each cut-
ting condition. No coolant was applied during the tests. The
machining forces were measured using a Kistler dynamometer
9121 mounted on the turret of the turning center. The average
force over a few revolutions under steady state conditions were
used in the analysis. A high power laser beam was generated by a
5200 W IPG PHOTONICS YLR 5000 fiber laser, with a wave-
length of 1.0 lm. The center of the laser beam was placed approx-
imately 4 mm ahead of the cutting edge to preheat the workpiece.
The surface temperature of the workpiece was measured using
K-type thermocouples (0.25 mm wire diameter) that were spot-
welded on the outside surface of the tube. The preheating temper-
ature Tp was recorded before the thermocouple hot junction was
cut, as the cutting edge passed it. Since the workpiece was rotating,
an air-cooled high-speed slip ring was installed on the rotating work-
piece to connect the thermocouple extension wires to a data acquisi-
tion system. A Thermo vision A20M infrared (IR) camera was also
used to monitor the temperature field near the cutting zone. During
the LAM tests, a high pressure air was applied through a nozzle in
front of the laser lens to protect it from the chips.

3.1.2 Experimental Conditions and Results. To investigate
the effect of LAM on the cutting force, orthogonal finish cutting
tests were carried out under conventional and laser-assisted
machining conditions. The test conditions and the force measure-
ments are summarized in Table 1. In the LAM experiments, a
beam size of 4.0 mm was used and the laser power was adjusted to
produce a preheating temperature Tp of 415 �C. The temperature
Tp reported in Table 1 is the maximum workpiece preheating tem-
perature, which is obtained at the center of the laser heating spot;
always at 4 mm from the tool edge. The results show that the cut-
ting forces were reduced by around 20% when using LAM. Under
these cutting conditions, all formed chips were continuous. These
cases will be used for the validation of the FE model in Sec. 4. A
numerical investigation will also be conducted in Sec. 4 to further

Fig. 1 Flow chart of integrated LAM and LSHT operation Fig. 2 Experimental setup of LAM
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optimize the laser power in order to minimize the cutting force
without changing the microstructure of the machined surface.

3.2 LSHT Process

3.2.1 Experimental Setup of the LSHT. The experimental
setup of the LSHT is shown in Fig. 3(a). The workpiece was pre-
pared in the form of a disk with a diameter of 80.0 mm and a
thickness of 10.0 mm, which was fixed on the spindle of the Boeh-
ringer NG200 turning center without rotating. The top flat surface of
the disk was heat-treated by the laser beam along given paths. Five
scanning paths were placed on each disk, as shown in Fig. 3(b). The
distance between each path is 12.5 mm. The scanning length is
40.0 mm. K-type thermocouples were spot-welded in the middle of
each path to measure the surface temperature. The Thermo vision
A20M IR camera was also used to monitor the temperature field.

3.2.2 Experimental Conditions and Results. The scanning
speed Vs was varied between 2.0 and 30.0 mm/s, and the laser
power P was varied between 500 and 1000 W. The beam size was
fixed at a diameter of Dl¼ 5.0 mm in all of the LSHT tests. Table
2 lists the process parameters and the results of the hardened
depth. The hardness profiles along the depth were also measured
for each case, which will be presented and compared with FE pre-
dictions in Sec. 4.

A typical microstructure evolution after the LSHT is shown in
Fig. 4. In this case, the laser power and scanning speed were
P¼ 500 W and Vs¼ 3.0 mm/s, respectively. Under these condi-
tions, which correspond to case 5 in Table 2, a hardened depth of
h¼ 0.95 mm was achieved. As shown in Fig. 4, the top portion of
the surface layer is the HZ, where the needle-shaped martensite
was formed. The middle portion is the transition zone (TZ), where
some martensite remains but mixed with the white spots of ferrite.
At the bottom, the bulk material is a mix of around 20% ferrite
and 80% pearlite. The pearlite is the darker portion in the micro-
structure diagram and the ferrite is again the white portion.

3.2.3 Hardenability in LSHT. The effect of the process pa-
rameters (P and Vs) on the hardened depth h is illustrated in a
process diagram, shown in Fig. 5. High hardenability with a large

hardened depth can be obtained using a low laser power and a low
scanning speed. However, low scanning speeds and high powers
tend to produce surface melting, which should be avoided in pro-
duction. The conditions led to surface melting are identified by
the circle in Fig. 5. This process diagram can be used as practical
tool to define the processing parameters to obtain the required
hardened depth. The process diagram clearly shows that the maxi-
mum hardened depth of 1.05 mm is obtained at P¼ 600 W and
Vs¼ 4.0 mm/s, without surface melting.

Based on the large number of LSHT tests conducted with dif-
ferent powers and scanning speeds (listed in Table 2), an empiri-
cal model was developed to describe the dependency of the
hardened depth h on the process parameters of P and Vs. It was
found that h is proportional to lnðP=

ffiffiffiffiffiffiffi
VsÞ

p
. This conclusion is in

agreement with that reported in Ref. [15]. The empirical model
for the class of steel investigated in this study is represented by

h ¼ 1:196 ln
Pffiffiffiffiffi
Vs

p
� �

� 5:833 (1)

where, h is in mm, P in W, and Vs in mm/s. As shown in Fig. 6,
the empirical model fit well the experimental data.

4 Numerical Modeling and Simulations

4.1 Modeling Approach. A 2D FE-based thermomechanical
model was developed to simulate the LAM and LSHT process
using DEFORM 2D [16]. A microstructure evolution model is
proposed and incorporated in the FE model. The latter has the

Fig. 3 (a) Experimental setup of LSHT and (b) laser scanning
path on the workpiece

Table 1 Cutting and laser heating conditions

Test No.

Cutting
speed

V (m/min)

Feed
rate

f (mm/rev)

Preheating
temperature

Tp (�C)

Measured
cutting force

Fc (N)

C1 180 0.075 N/A 804
C2 240 0.075 N/A 802
LAM1 180 0.075 415 650
LAM2 240 0.075 415 635

Table 2 Process parameters and hardened depths in LSHT
(Dl 5 5.0 mm)

Case
No.

Laser power
P (W)

Scanning speed
Vs (mm/s)

Hardened depth
h (mm)

Surface
melted

1 500 15.0 0.00 N
2 10.0 0.22 N
3 6.0 0.54 N
4 4.0 0.6 N
5 3.0 0.95 N
6 2.5 1.01 Y
7 2.0 1.14 Y

8 600 20.0 0.00 N
9 15.0 0.19 N
10 10.0 0.52 N
11 7.5 0.71 N
12 4.0 1.05 N
13 2.5 1.32 Y

14 700 25.0 0.00 N
15 20.0 0.23 N
16 15.0 0.43 N
17 8.5 0.65 N
18 7.5 0.85 N
19 7.0 0.89 N

20 800 25.0 0.23 N
21 20.0 0.43 N
22 15.0 0.55 N
23 9.0 0.81 N
24 7.0 1.00 Y
25 6.0 1.14 Y

26 900 30.0 0.28 N
27 25.0 0.34 N
28 20.0 0.52 N
29 15.0 0.65 N
30 10.0 0.90 Y

31 1000 25.0 0.47 N
32 20.0 0.58 N
33 15.0 0.66 N
34 12.0 0.89 Y
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capability of simulating the surface laser heating through a mov-
ing heat source window, which was developed earlier by the
authors in Ref. [1]. The proposed model considers the interaction
of the mechanical and thermal processes with the phase transfor-
mation, as shown in Fig. 7. During the process, the phase change
due to the thermal effect results in further release of latent heat
and transformation plasticity, which in turn affect the material
flow stress. In the FE analysis, the phase volume fractions are cal-

culated at each time step, based on the temperature level. The
updated properties are then used for the deformation and tempera-
ture predictions at the next step. The final simulation results,
therefore, combine the effects of the mechanical and thermal pro-
cess with the phase transformation.

4.2 Microstructure Evolution Model. Phase transformation
of carbon steels is defined by two types of kinetics models; diffu-
sion and diffusionless transformations. Generally, the microstruc-
ture changes from austenite to ferrite and pearlite, and vice versa,
are governed by the diffusion type transformation, depending on
the temperature, stress history, and carbon content. The phase
transformation from the austenite to martensite is governed by the
diffusionless process [16].

In the heating cycle, the following Avrami equation is used to
calculate the volume fraction of austenite nA for carbon steels at
each time step [16]

nA ¼ 1� exp �4
T � TAs

TAe � TAs

� �2
( )

(2)

where T is the instantaneous temperature; TAs and TAe are the
starting and ending temperatures of the transformation to austen-
ite, respectively. These temperatures are depended on the cooling
rates; the higher the cooling rate, the high the transformation

Fig. 4 Optical micrographs of the microstructure in LSHT (Ccase 5: P 5 500 W,
Vs 5 3.0 mm/s)

Fig. 5 Process diagram of hardened depth versus power and
scanning speed (Dl 5 5 mm)

Fig. 6 Plot of the empirical model of hardened depth

Fig. 7 Mechanical and thermal processes coupled with micro-
structure evolution in the FE model
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temperatures. In the simulation, TAs and TAe are simplified as con-
stants; TAs¼ 800 �C and TAe¼ 850 �C [17].

In the cooling cycle, the phase transformation from austenite to
ferrite, pearlite and bainite is driven by the continuous cooling
transformation diagrams, as shown in Fig. 8 [18]. The final micro-
structure depends on the cooling rate and the regions that the cool-
ing rate curve passes. As can be seen in Fig. 8, when the cooling
rate is much larger than 100 �C/s, only martensite is formed. This
typically happens in the HZ.

The diffusionless transformation from austenite to martensite is
governed by Magee’s equation [19]. The dependency of the vol-
ume fraction of martensite nM on the stress and carbon content is
neglected in this study. The Magee’s equation is then simplified
and represented by [16]

nM ¼ 1� expt w1T þ w2f g (3)

where the material constants w1¼ 0.196 and w2¼�6.43 are iden-
tified from the martensite start temperature of 328 �C and 90%
martensite-formed temperature of 210 �C, given in Fig. 8.

The hardness H is determined by the following mixture law [16]:

H ¼
Xn

i¼1

niHi (4)

where ni and Hi are the volume fraction and the hardness of ith
phase, respectively. The average values of the hardness for the
bulk material and the martensite phase were measured to be 60
HRC and 28 HRC, respectively. The harnesses of the austenite
and the banite phases are 20 HRC and 50 HRC, respectively, as
reported in Ref. [16].

4.3 FE Model Description. Figure 9 depicts the FE model of
LAM and LSHT. The workpiece was defined as an elastoplastic

body. The carbide cutting tool with a sharp edge was modeled as
a rigid body. It has a rake angle of 0 deg and a clearance angle of
6 deg. Only continuous chip formation was considered in the sim-
ulations. This FE model was also used for the LSHT simulation
by setting the tool speed equal to zero.

To simulate the laser heating source in DEFORM 2D, a heat
exchange window is defined to heat a local area, as shown in
Fig. 9. The width of the window, through which a uniform heat
flux is applied, is equal to diameter of the laser beam. In the LAM
simulation, the heat exchange window moves at the same speed as
the tool. By adjusting the heat flux, different preheating surface
temperatures can be attained, which are based on an experimen-
tally determined relationship between the laser power and the sur-
face temperature under machining conditions. The calibration of
the heat flux is presented in Sec. 4.4.

The material constitutive law was identified using the method-
ology developed by the authors [20,21]. The constitutive data
(stresses, strains, strain rates, and temperatures) were generated
from quasi-static (QS) tests, and orthogonal cutting tests at room
temperature (RT) and HT in conjunction with the distributed pri-
mary zone deformation model [20]. The QS tests provided the
constitutive data at very low strain rates and strains. The RT cut-
ting tests were used to generate the constitutive data at high strain
rates and strains, while the HT cutting tests were employed to cap-
ture the material properties at high temperatures. In this case, the
cutting region was preheated using the fiber laser shown in Fig. 2.
The cutting started immediately once the preheating temperature
reached a required value through adjusting the laser power. There-
fore, the material constitutive law identified from the cutting test
data, especially the HT cutting test data, is able to describe the
plastic deformation processes in the primary and secondary shear
zones during LAM and during LSHT. The Johnson–Cook consti-
tutive law is used, which is identified in this study to be

�r ¼ 685þ 144�e0:38
� �

1þ 0:015 ln
_�e
_�e0

� �� �
1� T � T0

Tmelt � T0

� �1:76
" #

(5)

where �r (MPa) is the flow stress; �e is the effective plastic strain; _�e
is the effective plastic strain rate; _�e0¼ 10�3 s�1 is the reference
plastic strain rate; T (�C) is the instantaneous temperature; and
T0¼ 20 �C and Tmelt¼ 1530 �C are the room and melting tempera-
tures of the workpiece material, respectively. Figure 10 shows the
dependence of the flow stress on the temperature and strain at a
typical strain rate level of 5� 104 s�1 encountered in machining.
The thermal softening effect is clearly shown in the figure, espe-
cially when T is larger than 400 �C.

The shear friction model, in which the frictional stress ss is pro-
portional to the shear yield stress of the chip material kchip,
ss ¼ mfkchip, was used. It was found that the shear friction coeffi-
cient mf ¼ 0.9 can match well with the experimental results. The
cutting force was obtained when it reached a steady state. The
comparison of predicted cutting force with the experimental meas-
urements is presented in Sec. 4.5.

Fig. 8 CCT diagram of AISI 1536

Fig. 9 2D FE model of LAM and LSHT
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4.4 Calibration of the Laser Heating Source. Since both or-
thogonal cutting and surface heat treatment on a flat surface can
be modeled using a 2D simulation (Fig. 9), the heat source model
incorporated in the FE simulations was calibrated using the exper-
imental measurements from the LSHT only, for different laser
powers and scanning speeds. Figure 11 shows a typical tempera-
ture history of a fixed spot on the workpiece surface when a laser
beam passes it. In this case, the laser power is P¼ 600 W and the
scanning speed is Vs¼ 25.0 mm/s. The solid line represents meas-
ured temperature using a thermocouple spot welded on the sur-
face. The dashed line is the FE simulation prediction, using the
calibrated heat flux. The result shows good agreement between
the experiment and simulation. The overestimated temperature of
around 50 �C by the FE model in the cooling process may be
attributed to the simplified two-dimensional geometry in the
model. Since this overestimation only happens at the low tempera-
ture level of less than 250 �C, its effect on the phase transforma-
tion is insignificant. The figure also shows that the heating rate is
of the order of 3500 �C/s in the range from 20 to 630 �C and the
cooling rates is 1900 �C/s from 630 to 200 �C, respectively.

4.5 Prediction of Cutting Forces in LAM. The conventional
and laser-assisted cutting cases listed in Table 1 were simulated
using the FE model. The comparison of the predicted cutting
forces with the experimental results is shown in Fig. 12. The pre-
diction error between the simulations and experiments is within
10%, which is acceptable as it is comparable to errors in force
measurements. The validated FE model will be used to investigate

the effects of the preheating parameters on the cutting force and
temperature on the machined surface in Sec. 4.6.

4.6 Numerical Investigation for Optimization of the Laser
Power in LAM. The thermal softening effect of metals implies
that lager applied laser power results in less cutting force. How-
ever, high laser power generates high temperature that may inter-
act with the large plastic deformation that takes place during the
cutting process, altering the microstructures of the machined sur-
face. To find the limits of the acceptable laser power, a numerical
approach is proposed to optimize the LAM process, in order to
achieve the minimum cutting force without inducing microstruc-
tural changes or surface melting. The simulated cutting conditions
of V¼ 180 m/min and f¼ 0.1 mm/rev were selected as an example
in this investigation. Net laser powers ranged from 150 to 1200 W
were applied in the simulations. The beam size is selected as
2.0 mm, and its center is 3.0 mm away from the cutting tip. Table
3 lists the values of the power used in the simulations and the pre-
dicted cutting forces Fc, the preheating temperatures Tp and the
maximum temperatures on the machined surface Tsur. The pre-
dicted temperature field is shown in Fig. 13, for the case of net
power P¼ 1050 W. The maximum preheating temperature
Tp¼ 1300 �C is obtained at the center of the laser heating spot.
This preheating temperature is selected to be lower than the mate-
rial melting temperature of 1530 �C. The temperature on the
machined surface Tsur is obtained at the contact of the tool tip
with the machined surface, as shown in Fig. 13.

The effect of the laser power on the cutting force and the
machined surface temperature is shown in Fig. 14. As can be seen
in the figure, with the increase of the power, the cutting force
decreases and the machined surface temperature increases. The
figure clearly indicates that the net laser power of P¼ 1050 W
results in the machined surface temperature of Tsur¼ 800 �C,

Fig. 10 Dependence of the flow stress on the temperature and
strain (_�e0 5 5 3 104 s21)

Fig. 11 Temperature history of a fixed point on the workpiece
surface (P 5 600 W and Vs 5 25.0 mm/s)

Fig. 12 Comparison of the force prediction with the conven-
tional (C) and laser-assisted machining (LAM) experimental
results

Table 3 Predicted cutting forces and temperatures with differ-
ent laser powers

Net power
P (W)

Cutting force
Fc (N/mm)

Preheating
temperature Tp (�C)

Machined surface
temperature Tsurf (�C)

0 190 20 180
150 175 520 270
300 165 570 330
500 160 620 400
600 155 820 500
750 140 1010 600
900 120 1150 750
1050 110 1300 800
1200 90 1450 900
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which is the austenitization start temperature of the material.
Above this temperature, the microstructure on the machined sur-
face will be changed. Therefore, the net power of P¼ 1050 W is
the maximum power that should be used to achieve the minimum
Fc without changing the microstructure of the machined surface.
As shown in Table 3, the cutting force can be reduced by 40%,
relative to conventional machining (at P¼ 0), when using the
optimized laser power. The shaded area in Fig. 14 represents the
undesirable operating conditions, where microstructural change is
expected.

4.7 Prediction of Microstructures in LSHT. Following the
laser-assisted machining, laser surface heat treatment is carried

out using the same setup but with different laser powers, spot
sizes, and scanning speeds. Figure 15(a) shows a typical distribu-
tion of the predicted martensitic volume fraction after LSHT. This
simulation results correspond to case 5, listed in Table 2. Three
phase transformation zones are clearly observed in this figure. At
the top, a complete martensitic structure is developed, which is
the HZ. In the analysis, the thickness of the hardened zone is
defined based on 80% volume fraction of martensite. A hardened
depth of 0.99 mm was achieved in this case, which is in good
agreement with the experimental measurement of 0.95 mm shown
in Fig. 4. The temperature profile shown in Fig. 15(b) shows that
the temperature in the hardened zone is above the austenitization
end temperature TAe¼ 850 �C, indicating the microstructure in
this zone was completely austenized in the heating cycle and then
transform into martensite in the cooling cycle. In the TZ, the tem-
perature is between the TAs and TAe levels, where the structure
was partly austenized in the heating cycle, and some martensite
remains in the cooling cycle. In the bulk material zone, no trans-
formation occurred since the temperature level is lower than TAs.

To further validate the FE model, six cases at the different
power levels of P¼ 500, 700, 800, 900, 1000 W and the scanning
speed levels of Vs¼ 3.0, 4.0, 8.5, 9.0, 10.0, 15.0 mm/s, which cor-
respond to cases 4, 5, 17, 23, 30, 33 in Table 2, were simulated.
Figure 16 shows the simulation results of the hardened depth, as
well as the comparison with experimental measurements. The pre-
diction errors are within 15%. The results show that the developed
FE model has good capability of predicting the phase transforma-
tion in LSHT.

4.8 Hardness Predictions in LSHT. The hardness profiles
for the six cases presented in Fig. 16 were also predicted, using
Eq. (4). Comparison of the model predictions with the experimen-
tal measurements is shown in Fig. 17. The results show that the
predicted hardness profiles are generally in good agreement with
the experimental measurements. Since the martensite is the

Fig. 13 Predicted temperature field in LAM (P 5 1050 W)

Fig. 14 Laser power versus cutting force and temperature on
the machined surface

Fig. 15 FE simulation results for the LSHT under P 5 500 W and Vs 5 3 mm/s. (a)
Predicted martensite; and (b) Martensitic volume fraction and temperature profiles
in depth

Fig. 16 Comparison of the predicted hardened depth with
measurements
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hardest structure in these phases, the hardness follows the same
profile as the martensitic volume fraction, as can be seen in Fig.
15(b) and Fig. 17(b) for the same case of P¼ 500 W,
Vs¼ 3.0 mm/s.

5 Conclusions

A process and a methodology were proposal for integrating
LAM and LSHT into a single operation. Experimental work and
numerical simulations were carried out to investigate the effects
of cutting and preheating parameters on the LAM and LSHT proc-
esses of certain class of carbon steel. The LAM test results show
that the cutting force was reduced by 20% compared to the con-
ventional cutting when using the preheating temperatures of
415 �C. A total of 34 LSHT tests with different laser powers and
scanning speeds were carried out. A process diagram was devel-
oped to describe the effect of the process parameters (P and Vs)
on the hardened depth h. The diagram shows that high hardenabil-
ity with a deep hardened layer can be obtained using relatively
low laser powers and low scanning speeds. The limits of the pa-
rameters, above which surface melting may occur, were also indi-
cated in the process diagram. It was found that the maximum
hardened depth of 1.05 mm can be achieved without surface melt-
ing when using the laser power of P¼ 600 W and the scanning
speed of Vs¼ 4 mm/s with the beam diameter of Dl¼ 5 mm.

A two-dimensional FE model was developed to simulate LAM
and LSHT processes. In the simulations, a proposed phase trans-
formation model was incorporated with mechanical and thermal
analyses to predict microstructure evolution during these proc-
esses. The material constitutive law was identified using the con-
stitutive data obtained from the room and high temperature
cutting tests using laser surface heating. The predicted cutting
forces in LAM are in good agreement with the experimental
results; with errors less than 10%. The LAM simulation results
show that preheating temperatures lower than 1300 �C can avoid
microstructure changes in the machined surface in LAM of AISI
1536. Using this preheating temperature, the cutting force is
reduced by 40%, compared to the conventional cutting. The phase
change and the temperature variation in LSHT were accurately
predicted using the model. The error of the predicted hardened
depth is within 15%, compared to the experimental results. The
predicted hardness profiles are also in good agreement with the
experimental measurements. The results show that the developed
FE model has good capability to predict the cutting force, temper-
ature field, and phase transformation in the LAM and LSHT
processes.

The validated FE model can be treated as virtual experiments to
guide the configuration of the process parameters in production,
and to optimize the LAM and LSHT processes. For example,
through the LAM simulations, the laser power and the beam size

Fig. 17 Comparison of the predicted hardness with experimental measurement
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can be optimized to ensure that no microstructure change takes
place in the machined subsurface layer. From the LSHT simula-
tions, the laser power, the beam size, and the scanning speed can
also be determined to obtain the optimum hardened depth and
desired microstructure structure.
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